
Voltage Transients in the Field 
Winding of Salient Pole Wound 

Synchronous Machines 
Implications from fast switching power electronics 

Roberto Felicetti 



 

Licentiate thesis to be presented at Uppsala University, Häggsalen 10132, Ångströmlaboratoriet, 
Lägerhyddsvägen 1, Uppsala, Friday, 12 March 2021 at 10:00. The examination will be  
conducted in English.  
 
Abstract 
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Wound Field Synchronous Generators provide more than 95% of the electricity need world-
wide. Their primacy in electricity production is due to ease of voltage regulation, performed 
by simply adjusting the direct current intensity in their rotor winding. Nevertheless, the rapid 
progress of power electronics devices enables new possibilities for alternating current add-ins 
in a more than a century long DC dominated technology. Damping the rotor oscillations with 
less energy loss than before, reducing the wear of the bearings by actively compensating for 
the mechanic unbalance of the rotating parts, speeding up the generator with no need for 
additional means, these are just few of the new applications which imply partial or total alter-
nated current supplying of the rotor winding. 
 
This thesis explores what happens in a winding traditionally designed for the direct current 
supply when an alternated current is injected into it by an inverter. The research focuses on 
wound field salient pole synchronous machines and investigates the changes in the field wind-
ing parameters under AC conditions. Particular attention is dedicated to the potentially harm-
ful voltage surges and voltage gradients triggered by voltage-edges with large slew rate. For 
this study a wide frequency band simplified electromagnetic model of the field winding has 
been carried out, experimentally determined and validated. Within the specific application of 
the fast field current control, the research provides some references for the design of the rotor 
magnetic circuit and of the field winding. Finally the coordination between the power elec-
tronics and the field winding properties is addressed, when the current control is done by 
means of a long cable or busbars, in order to prevent or reduce the ringing. 
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Abbreviations and nomenclature 

Abbreviation Description 
  
AC Alternating Current 
DC Direct Current 
ES Excitation System 
FRA Frequency Response Analysis 
FT Fourier Transform 
HESM Hybrid Excitation Synchronous Motor 
Hi-Pot High Potential Test 
IGBT Insulated Gate Bipolar Transistor 
MOSFET Metal Oxide Silicon Field Effect Transistor 
MTLM Multi-conductor TLM 
ODE Ordinary Differential Equation 
PD Partial Discharge 
PE Power Electronics 
PMSM Permanent Magnet Synchronous Machine 
STLM Single TLM 
TF Transfer Function 
TLM Transmission Line Model 
UMPC Unbalanced Magnetic Pull Compensation 
VSC Voltage Source Converter 
WFSM Wound Field Synchronous Machine 
 
Symbol1 SI Unit Description 

 m Winding length 
 m Feeder length 

b m Depth of the iron lamination 
B T Magnetic flux density 
c Fm-1 Winding specific capacitance 

 F Feeder capacitance 
 F Capacitance to ground of the machine frame 
 F Winding capacitance to the machine frame 

                               
1 The symbols used in the comprehensive summary might differ from the notation used in the 
published papers. 



 

Symbol1 SI Unit Description 
   

 F Winding series capacitance 
 F Supercritical capacitance of the winding 

 - Voltage transfer function 
 - Fourier Transform 
  - Fourier Inverse-Transform 
g Sm-1 Specific conductance of the winding insulation 
H Am-1 Magnetic field ( , ) A Winding instantaneous current at the position x ( , ) A Winding conduction current at the position x ( , ) A Winding displacement current at the position x 
J Am-2 Current density 
k F-1m-1 Winding specific elastance ,  m-1 Winding propagation constant 
L H Inductance 

 H Inductance value for the DC-current 
 H Low-pass filter inductance 

 Hm-1 Winding specific inductance 
 Hm-1 Specific inductance of the eddy current path 
 H Parallel inductance of the field winding 

 Hm-1 Specific inductance of the eddy current path 
N - Number of turns per pole 
Q - Winding quality factor 

 Ω m-1 Specific resistance of the eddy current path 
 Ω m-1 Winding specific parallel resistance 
 Ω m-1 Specific wire resistance of the winding 
 Ω Parallel resistance of the field winding 

 H-1 Reluctance 
s m Lamination thickness 
s s-1 Complex frequency 
u ms-1 Wave propagation speed ( , ) V Winding instantaneous voltage at the position x 
w m Thickness of the iron lamination 
x m Measurement position along the winding 
y Sm-1 Line model specific admittance 
z Ω m-1 Line model specific impedance ̅  Ω Characteristic impedance 



 

Symbol1 SI Unit Description 
   

 m-1 Wave number 
 m Penetration depth 
 Fm-1 Dielectric permittivity 
 - Relative dielectric permittivity 
 Fm-1 Dielectric permittivity of vacuum 

 - Winding damping factor 
 A Magneto motive force of the eddy currents 

 m Wave length 
 Hm-1 Magnetic permeability 
 - Relative magnetic permeability 
 Hm-1 Magnetic permeability of vacuum 

 - Relative voltage peak position 
 s Rise time 
 Wb Magnetic flux 

 - Relative rise time 
 s-1 Angular frequency 
 s-1 Critical angular frequency of the field winding 
 s-1 Natural angular frequency of the field winding ,  s-1 Resonance angular frequency of the field winding 
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1. Introduction 

1.1. Background 
Synchronous generators cover more than 95% of the electricity need 
worldwide [1]. The reason for the use of the Wound Field Synchronous 
Machine (WFSM) in the electricity production is the ease of voltage 
regulation, performed by simply adjusting the direct current (DC) in-
tensity in the rotor winding. Nevertheless, the rapid progress of power 
electronics (PE) devices enables new possibilities for alternating cur-
rent (AC) add-ins in a more than a century long DC dominated technol-
ogy. Damping the rotor oscillations with less energy loss than before, 
reducing the wear of the bearings by actively compensating for the me-
chanic unbalance of the rotating parts, speeding up the generator with 
no need for additional means. These are just few of the new applications 
which imply partial or total AC supplying of the rotor winding. But, 
what does happen in a winding designed for DC-current when an AC 
one flows through it? What does an intermittent supplying voltage pro-
vokes in a highly inductive winding, when the Power Electronics 
Switches perform the field current control? This thesis addresses such 
questions from a theoretical and experimental point of view in solid sa-
lient pole WFSM. Its main outcome is a Single Transmission Line 
Model (STLM) suitable for studying and reproducing fast turn-to-turn 
and turn-to-ground voltage transients in the excitation winding. The 
model is presented together with the experimental methods and setups 
to be used on the test synchronous machine (SM), in order to determine 
its main frequency dependent and non-dependent parameters. Besides, 
some simple yet useful references are given for coordinating the power 
electronics control and the winding design, so to prevent harmful volt-
age overshoots and voltage gradients in the field winding. 
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1.2. Challenges and research questions 
The main topologies of WFSM produced nowadays are essentially two: 
the round-rotor and salient-pole type. The first one is used in large and 
fast synchronous generators (pole pair p ≤ 2) whereas the other one 
dominates all remaining applications. Although both topologies are 
older than a century [2], all significant improvements achieved since 
then, in the insulation technique as well as in the cooling strategies, do 
not have changed their structure essentially [3]. On the contrary, the 
excitation system has undergone a radical change after the ‘50s of the 
last century thanks to the progresses of the solid state electronics [4]. 
Diodes and thyristors have made it possible to replace the electrome-
chanical rotating DC exciter (Figure 1) with an AC supplied Excitation 
System (ES). 

 
FIGURE 1 – A Westinghouse Type C belt-driven Synchronous motor 
with direct – connected exciter (figure adapted from [5]). 

Nowadays, diodes and thyristors still play a major role in the three main 
categories of ESs, static-(Figure 2), brushless- and embedded-ones. 

 
FIGURE 2 – Components of a static excitation system (figure from [4]). 
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However, in the first decade of the new century, the use of IGBTs in 
the ES topologies has become more and more frequent. In the static ES 
for example, IGBT based voltage-boosters and buck-boosters have 
been introduced between the Voltage Source Converter (VSC) and the 
field winding, in order to increase the positive and negative ceiling volt-
ages respectively (Figure 3).  

 
FIGURE 3 – A voltage booster using IGBTs (figure adapted from [6]). 

In some other cases, a double quadrant H-bridge chopper made of IG-
BTs has been used for adjusting the excitation voltage (Figure 4).  

 
FIGURE 4 – A VCS using a back-end H-bridge chopper with IGBTs 
(figure from [7]). 

The brushless ESs (Figure 5) have taken even more advantage from in-
tegrating IGBT-based choppers, which knowingly improve their dy-
namic performance.  
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FIGURE 5 – Brushless ESs with IGBTs (figure adapted from [8]). 

The IGBTs have found application also in the embedded ESs. In the 
example reproduced in Figure 6, the electromotive forces harvested by 
special auxiliary windings placed on the rotor are first rectified for set-
ting the DC-link voltage. Then, the field current is controlled by switch-
ing the IGBTs in the Power Module. 

 
FIGURE 6 – Brushless ESs with IGBTs (figure adapted from [9]). 

The AC current injection in the field winding is a novel technique aimed 
to achieve additional performances from a classical ES. The Unbal-
anced Magnetic Pull Compensation (UMPC) [10] for example uses the 
AC current injection in a split rotor field winding for compensating 
static and dynamic radial forces stressing the radial bearing of a syn-
chronous machine. The concept proposed for the UMPC uses IGBTs 
and it is shown in Figure 7. 
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FIGURE 7 – Brushless ESs with IGBTs (figure adapted from [10]). 

The almost sinusoidal AC-current injections, as well as the DC-current 
bias in the three rotor sectors, are obtained by sensing the current level 
in the different field winding portions and by updating the state of the 
switches accordingly. This concept, which also uses IGBT modules, has 
been successfully applied and tested to the ES of a 10 MVA, 600 rpm 
generation unit of the Swedish hydropower plant in Porjus. 

The motor start by polarity inversion [11] is another example of AC-
current injection in the field winding. It aims to produce the rotor start 
by synchronizing a pulsating steady-state magnetic field of the rotor 
with the rotating magnetic field of the armature. Figure 8a represents 
the four-quadrants H-bridge used for the experimentation of this start-
ing technique on a 200 kVA, 500 rpm SM.  

 
FIGURE 8 – The machine start by rotor polarity inversion: a) the driving H-bridge, 
b) the field current and the airgap field at stand still (figure adapted from [11]). 

In this specific application of the current control, the use of IGBTs can 
be recognized. 

Moving the attention away from the electricity production for a 
while, it is still possible to find further applications where the field cur-
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rent is controlled by switches other than thyristors. In the electric pro-
pulsion for instance, the need for an effective flux-weakening in perma-
nent magnet synchronous motor (PMSM), combined with the need for 
reducing the weight of the expensive rare-earths magnets, has awaked 
in the last decade the interest about hybrid excited synchronous motors 
(HESM) [12]. Some of these special PMSM (Figure 9) present a salient 
pole rotor structure embedding a traditional field winding. 

 
FIGURE 9 – Topology structure of hybrid excitation synchronous mo-
tor (HESM) (figure from [13]). 

In this way, by controlling the demagnetizing actions of the armature 
Magneto Motive Force (MMF) on the d-axis and inverting the sense of 
the field current, the main flux established by the permanent magnets 
can be effectively opposed. This application, which envisages motor 
sizes up to hundreds of kilowatt, refers to field current and voltage rat-
ings which are compatible with the usage of IGBTs. Moreover, in all 
the presented applications so far, if the field current and voltage are not 
as high as to forcibly require IGBTs, it is possible to make alternatively 
use of MOSFETs. 

IGBTs and power MOSFETs are known to switch faster than thyris-
tors [14]. Therefore, the increasing application of faster switches to a 
traditionally consolidated thyristor-based technology naturally leads to 
the risk of triggering potentially harmful voltage surges and gradients 
into the rotor windings. This kind of issue is already known with refer-
ence to the armature windings of AC-machines, where the application 
of IGBTs and MOSFETs represents the state of the art in the PE-drives 
[15]. Moreover, the introduction of SiC switches has recently addressed 
the interest to the voltage surges produced into AC-windings by very 
large voltage slew-rates [16-18]. Particularly sensitive to this issue are 
the low voltage windings. In fact, since the ageing of the insulation in 
low voltage windings is mainly thermally related, these are usually not 
designed for facing the risk of partial discharge [15]. In order to assess 
the electric stress produced on the insulation of low voltage three-phase 
machines by the switching of PE-drives, the standard IEC 60034-18-41 
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[19] considers two parameters: the relative intensity of the caused over-
voltage (Overshoot Factor) and the rise time (Impulse Rise Time) of the 
voltage pulse applied to the winding. In Table 1, it is shown that short 
rise times are related to higher values of the overshoot factor and to an 
increasing severity of the produced electric stress. 

TABLE 1 – Stress categories for insulation sys-
tems according to the standard IEC 60034-18-41 
(table adapted from [15]). 

Stress 
category 

Overshoot 
Factor 
(p.u.) 

Impulse 
Rise Time 

(μs) 
A-Benign OF ≤ 1.1 1 ≤ tr 
B-Moderate 1.1 < OF ≤ 1.5 0.3 ≤ tr <1 
C-Severe 1.5 < OF ≤ 2.0 0.1 ≤ tr < 0.3 
D-Extreme 2.0 < OF ≤ 2.5 0.03 ≤ tr < 0.1 

The field winding is typically a low voltage winding, nonetheless it has 
remained so far excluded from this kind of considerations. 

Standard overvoltage tests for the field winding insulation of WFSM 
already exist. The High-Potential test (Hi-Pot) for the excitation wind-
ing, which is described by the Standards IEC 60034-1 and IEEE 
C50.13, consists in stressing the field winding with a given AC voltage 
(50/60 Hz) for 1 minute. The test-voltage level depends on the rated 
excitation voltage, Vf,R: it corresponds to10-times the field winding 
rated voltage and at least 1.5 kV, for Vf,R< 500 V; otherwise, 2-times 
the field winding rated voltage plus 4 kV. It is clear that the nature of 
the Hi-Pot test is very different from the kind of stress described by 
Table 1. In fact, the Hi-Pot-test is intense, persistent but it is related to 
sporadic failure events, which could potentially happen during the SM 
life-time. The electric stress produced by the fast switching of power 
electronic devices can be intense, persistent, but its main characteristic 
is to be repetitive. Besides, at the frequency of 50/60 Hz the voltage 
distribution along the field winding is linear whereas for very fast volt-
age fronts (which recall very high frequencies) it decays almost expo-
nentially. In this last case (see paragraph 4.2), the specific voltage gra-
dients at the terminals of the winding can be amplified up to 5÷10 times. 
So, the fact that the field winding passes the Hi-Pot test does not imply 
that it can withstand PD triggering voltage stresses, like the ones pro-
duced by repetitive fast voltage edges. 

The work presented in this thesis has moved from the just outlined over-
view in order to accomplish three tasks essentially: 
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1. verifying if fast rising voltage edges can produce overvolt-
ages and voltage gradients in the field winding, as well as 
these do in the armature winding of AC-machines; 

2. identifying the parameters which influence the amplitude of 
the overvoltages and the strength of the voltage gradients in 
the field winding; and 

3. considering possible measures for avoiding or mitigating 
overvoltages and voltage gradients in the field winding. 

The research has been carried out by using an experimentally validated 
model for the field winding. The conception of the model, the delinea-
tion of its performances as well as the description of the experimental 
procedures necessary to characterize it, have represented the main part 
of this research work. 

1.3. Thesis outline 
In order to address the aforementioned tasks an initial phase of theoret-
ical work has been required. It has helped to understand the physics 
behind the overvoltage phenomena in solenoid-like windings. The prin-
cipal arguments faced during this activity are presented in a logical se-
quence in Chapter 2, which does not reflect the chronological order of 
their consideration. The background gained in that way has greatly 
helped in attaining a simple, yet complete, model. Moreover, it has shed 
light on how to better perform the experimental work. Chapter 3 is ded-
icated to the description of the used methods. All conceived setups and 
experimental procedures are presented and explained. The matter is ad-
dressed by following the determination of the field winding parameters, 
one by one. Chapter 4 outlines the obtained results, presenting them in 
two groups: the experimental work performed for characterizing the 
model (the model parameters) and the experimental work done for val-
idating the model (the voltage simulations). The latter outcomes are the 
most important, since they fulfill the goals of the thesis and disclose the 
importance of the followed approach. In Chapter 5, the discussion about 
the results points first to what is relevant in the model and what is not. 
Thereafter, a summary of the most relevant measures is presented, 
which can prevent or mitigate the voltage stress in the field winding of 
a salient pole WFSM. Finally, Chapter 6 draws some conclusions while 
Chapter 7 outlines potential continuations and improvements of the 
work done. 
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2. Theoretical background 

2.1. Eddy currents effect on the winding resistance and 
inductance 

In considering the absorption of energy related to harmonic electromag-
netic waves in ferromagnetic material W. Arkadiew [20] first recog-
nized that the relationship between the flux density  and the magnetic 
field  has a complex nature ̅ = = = − ′′.  (1) 
The real part, , of the complex permeability, , relates to the storage 
of magnetic energy in the matter, whereas the imaginary part, ′′, takes 
into account the losses produced in the material by a variable magnetic 
field. The parameter ′′ summarizes the hysteresis-, eddy currents- and 
excess-losses and is responsible for the lagging of the flux density on 
the magnetic field. 

Taking a portion of magnetic material with cross section, S, and 
length, l, crossed by a constant magnetic flux, , from (1) occurs im-
mediately the concepts of complex reluctance 

 = = + = ∗   (2) 
and complex inductance =


= − = − ′′,  (3) 

where N is the number of turns of the coil linking the magnetic flux.  
The voltage drop, , across the inductor having inductance, , produced 
by a current, , flowing through it, is  = ̅ = ′′ ̅ + .̅  (4) 
At the right hand of (4), it can be noticed that the voltage drop, , has a 
component in phase with the current, which can be assimilated to a re-
sistive voltage drop. In Figure 10a, the equivalent circuit of the inductor 
can be observed, where the resulting resistance, R, is equal to = ′′.   (5) 
One effect of the presence of eddy currents in the magnetic circuit of an 
inductor, besides the effect of hysteresis and excess losses, is that of 
increasing the winding AC-resistance in the same way the skin effect or 
the proximity effect do. 
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In the transformer theory, the iron losses in general are taken into ac-
count by a resistance in parallel to the magnetizing inductance accord-
ing to the circuit in Fig. 10b, where = 1 +   (6) 

and = ′′ 1 + .  (7) 

Therefore, by changing the arrangement of the equivalent circuit by 
means of equations (6) and (7), it can be observed that one effect of the 
eddy currents is that of establishing an AC resistance in parallel to the 
source of a self-induced electromotive force.  

 
FIGURE 10 – The electric models for an inductance with 
losses a) series- and b) parallel-model (From Paper II). 

Until here, the presence of the eddy currents has been related to the 
problematic of the losses and to how these affect the resistive part of 
the winding impedance. In Figure 11, the reaction of the eddy currents 
towards the magnetic flux is represented by means of two magnetic cir-
cuits, a solid one a) and a laminated one b). 

 
FIGURE 11 – Eddy currents in a solid a) and laminated b) magnetic 
circuit. 



 23

The same sinusoidal MMF, ,̅ establishes the fluxes,  and ′, in the 
first and in the second magnetic circuit respectively, which are assumed 
as having linear and isotropic properties for simplicity. These fluxes are 
produced by the simultaneous actions of the impressed MMF, ,̅ on 
the one side and the induced   and ′  respectively, on the other side. 
Due to the Lenz’s law, the eddy currents counteract the action of the 
external MMF. However, the effectiveness of their opposition depends 
on the resistance and inductance of the path followed by the eddy cur-
rent density in the magnetic circuit. With reference to Figure 12, con-
sidering the unitary length of a partially penetrated2 ferromagnetic lam-
inate with dimension b >> w, the ratio between the reactance and the 
resistance sensed by the eddy currents per unit length [21] is ≅ = ,  (8) 

where =   (9) 

is the penetration depth of the eddy current density in the lamina for a 
given angular frequency . 

Equation (8) shows that the shorter the penetration depth the higher 
the relative magnitude of the reactance to the resistance of the eddy cur-
rent circulation path. Therefore, it is expected that a partially penetrated 
ferromagnetic circuit can oppose the establishment of the variable mag-
netic flux more effectively than a fully penetrated one. 

 
FIGURE 12 –resistance and reactance experienced by the eddy cur-
rents (From Paper IV). 

                               
2 A conductor is partially penetrated when δ does not exceed the smallest of its dimensions. 
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With reference to the magnetic circuit in Fig. 11a, the composition of 
the MMFs,  ̅and  , which results in the flux, , is depicted in Figure 
13. 

 
FIGURE 13 – The composition of the impressed and induced MMFs. 

A first fact to be observed in Fig. 13 is that the total flux lags the MMF 
due to the presence of the eddy currents. This result represents the mac-
roscopic evidence of the local property already stated by (1). 

A second relevant observation is that the sum of the projections of 
the MMFs on the axis perpendicular to the direction of the phasor  
must be equal to zero for the principle of energy conservation. In fact, 

 represents the induced EMF for each single turn of the winding. 
In this respect, the MMF of the eddy currents can be regarded as pro-
duced by the short-circuit current of a transformer with a single second-
ary turn, so that = .  (10) 

Since the angle  expresses how much   lags on the EMF induced 
in the magnetic circuit, with reference to Fig. 11a and (8), it is found 
that = = . (11) 

Since the DC inductance of the winding in Fig. 11a is defined by the 
real part of (2) as =


=


, (12) 

the AC inductance , by means of Fig. 13, must be =   


= 1 −   . (13) 

Considering (10) and (11), after simple trigonometric passages , equa-
tion (13) becomes 

= 1 −   
  . (14) 
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When the ferromagnetic circuit is fully penetrated ( ≫ ) the AC in-
ductance (14) approximates the DC one. On the contrary, when the fer-
romagnetic circuit is partially penetrated ( ≪ ), the AC inductance 
tends to its minimal value = 1 −   . (15) 

It must be observed in (8) that, when ≪  the nature of the path for 
the eddy currents is essentially inductive so that, according to the trans-
former like analogy, the MMFs in play are the short circuit ones essen-
tially, with  ≅ . This fact lets conclude that can be much 
smaller than . 

With reference to Fig. 11b, the consequence of laminating the mag-
netic circuit is that the condition for the partial penetration < ′ re-
quires a higher frequency than in Fig. 11a in order to be fulfilled. This 
means that for the same frequency an inductor with laminated circuit 
presents a higher inductance than one with a solid magnetic circuit [22]. 

Figure 14 shows, e.g., how the lamination thickness = 10⁄  im-
proves the frequency response of the inductor by increasing its cutoff 
frequency. The magnetic circuits related to Fig. 14 have  ( → ∞) =0.9 , which explains why = 0.1 . 

 
FIGURE 14 – The effect of magnetic circuit lamination on the inductance. 

Therefore, a further effect produced by the eddy currents in the mag-
netic circuit of an inductor is that of decreasing the winding AC-induct-
ance. Free circulating eddy currents in the magnetic circuit impair the 
capacity of the winding MMF to build a magnetic flux. 
 
In other words, if the eddy currents can circulate in the magnetic circuit, 
in order to keep the magnetic flux amplitude constant when the fre-
quency increases, a larger and larger exciting MMF is needed. 
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2.2. The distributed parameters model of the winding 
and the travelling waves 

The homogenous properties of the excitation winding in salient pole 
synchronous machines make it possible to represent the electromag-
netic phenomena taking place in the copper wire, in the insulating ma-
terial and in the ferromagnetic circuit respectively, as uniformly distrib-
uted along the wire length. 

This kind of representation, inspired by the Telegrapher’s equations 
of O. Heaviside [23], is known as Single Transmission Line Model 
(STLM) of the winding. It is a particular application of the more general 
theory of the Multiconductor Transmission Line Model (MTLM) [24]. 
An infinitesimal portion dx of the excitation winding, taken at the dis-
tance x from one of its terminals, is represented in Figure 15. 

 
FIGURE 15 – Single Transmission Line Model of the winding (From 
Paper IV). 

The specific capacitance of the winding towards the machine frame is 
taken into account by the specific turn-to-ground capacitance, c (Fm-1), 
since the structural parts of the synchronous machine are normally con-
nected to potential of the ground. The parameter, k (F-1m-1), describes 
the specific electrostatic induction between two adjacent turns of the 
winding and it is called turn-to-turn specific elastance. All magnetic 
causes, responsible for inducing an electromotive force (EMF) into the 
winding, are represented by the specific winding inductance, l (Hm-1). 
Finally, all dissipative phenomena occurring in the winding are ad-
dressed in the circuit through three distinct parameters: the specific 
winding AC-resistance, rw (Ω⋅m-1), which considers the wire Joule 
losses in presence of skin and proximity effect; the parallel resistance, 
rp (Ω⋅m-1), which relates to the magnetic losses; the specific conduct-
ance, g (S⋅m-1), which takes into account the dielectric losses.  
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The distributed parameters used in the model are specific quantities ex-
pressed per unit length of the winding wire. 

In order to present some important properties of the winding, the dis-
sipative parameters rw, rp and g can be neglected in a first analysis. The 
influence of the dissipative parameters on the overvoltage attenuation 
can be better represented in the frequency domain at a later moment. 
Therefore, the reference STLM model of the field winding becomes the 
one depicted in Figure 16. 

 
FIGURE 16 – Lossless Single Transmission Line Model of the winding. 

In Appendix 1, it is shown how the turn-to-ground voltage v (x,t) and 
the current in the turn il (x,t) at the generic coordinate x along the wind-
ing must satisfy the following partial differential equations  
 − + = 0 (16) − + = 0 (17) 
respectively. 

Equations (16) and (17) resemble those describing the Transverse 
Electromagnetic (TEM) propagation of voltage- and current-wave in a 
lossless transmission line [25]. The only difference between the first 
ones and the second ones consists in the fourth order mixed partial de-
rivatives. These are introduced in (16) and (17) by the presence of the 
inter-turn specific elastance, k, and are responsible for the dispersive 
behavior of the field winding towards voltage and current waves. In 
fact, the dispersive behavior in a transmission lines is solely related to 
the presence of the dissipative parameters r and g, as the Heaviside con-
dition stresses [26]. Otherwise, the propagation speed  is constant = √ . (18) 
and the wave number grows linearly with the frequency = √ , (19) 
avoiding, in this way, the phase distortion of the propagating wave.  
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In contrast with that, the field winding is always dispersive, even in the 
absence of dissipative phenomena.  

The formula of the wave propagation speed, , for the lossless model 
in Fig. 16 (Appendix 2), shows that the voltage and current waves prop-
agate at lower speed than the TEM wave, , and precisely = = =  . (20) 

The wavenumber, , increases when the frequency increases due to the 
shorter and shorter wavelength. Hence, it can be concluded through (20) 
that low-frequency harmonic waves travel in the winding at faster speed 
than the high-frequency ones. This proves the dispersive nature of the 
field winding, which discriminates between harmonic waves showing 
different frequency. The very low frequency harmonic waves can prop-
agate at a speed which is = √  , (21) 
where  is the speed of light in vacuum and  the relative permittivity 
of the winding insulating material. The high frequency harmonics 
waves can show a propagation speed much lower than . In partic-
ular, the frequency for which the wavenumber becomes infinite is called 
critical frequency of the field winding =  . (22) 
It corresponds to the frequency for which the wave propagation speed 
becomes zero, meaning that the propagation phenomena described by 
(16) and (17) can only be possible for frequencies below the critical 
one. This fact introduces a difference in the behavior of the field wind-
ing with reference to two separated ranges of frequency, the subcritical 
(0 < ω ≤ ω ) and the supercritical (ω > ω ) ones respectively. The 
difference between these two behaviors, which plays a fundamental role 
in the occurrence of voltage surges in the winding, can be better shown 
and explained in the frequency domain. 

2.3. The distributed parameters model in the frequency 
domain 

With reference to the theory of transmission lines, the voltage  and 
the current ̅  at the coordinate x in a uniform single transmission line 
are given by = ℎ( ) + ̅ ℎ( ) ̅̅ = ℎ( ) + ℎ( ) ̅ , (23) 
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where  and ̅  represent the propagation constant and the characteris-
tic impedance of the line respectively. With reference to the distributed 
parameters model in Fig. 15, the propagation constant is equal to = ̅ ∙ = + + ∙ ( + ) (24) 

and the characteristic impedance to ̅ = ̅ = ∙( ). (25) 

In order to find the voltage distribution along the winding (0≤ x ≤a) at 
different frequencies, two different and extreme load conditions at the 
end of the line can be envisaged: 

a) the short circuit one, which consists in grounding the ending 
terminal of the winding; 

b) the open circuit one, which considers the ending terminal open 
with its potential floating. 

For the case a), the following voltage distribution can be easily found 
from (23) , = = ( )( )  (26) 
whereas, for the case b),  , = = ( )( ) . (27) 

The condition a) is more interesting for power electronics applications, 
since the winding terminals are usually connected to well definite po-
tentials, either the link voltage or the ground voltage. 

Imagining the field winding excited by an AC voltage with amplitude 
Vin at its beginning, as shown in Figure 17, the propagation of the volt-
age waves forth and back in the winding must produce a perturbation 
δV(x) of the otherwise linear voltage to ground distribution. 

 
FIGURE 17 – Voltage deviation from the linear distribution (From Paper I). 

The voltage perturbation must be forcibly zero at the beginning and at 
the end of the winding, since the potentials of those points are fixed. 
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This implies that the standing wave, produced by the superposition of 
the waves travelling in the winding, must account for an integer number 
of half waves or, what is the same, =   ( = 1,2,3 … ). (28) 

The wave number , which corresponds to the m-th resonance mode 
of the winding when one of its terminals is grounded, can be determined 
from (24) considering the lossless case = = . (29) 

Substituting the value of  obtained from (29) in (28) and solving for 
, the following expression is obtained = . (30) 

Equation (30) represents the numerical sequence of all possible natural 
frequencies of the field winding, when it is grounded at one terminal. 
The sequence (30) converges to the critical frequency (22) for m∞. 
In Appendix 3, it is shown that the resonance frequencies of the winding 
are smaller than the corresponding natural frequencies (30), due to the 
presence of the dissipative parameters. Considering   as the damping 
coefficient of the winding at the m-th winding resonance frequency 

 = + , (31) 

the resonance frequency results 

, = 1 −  . (32) 

Equation (31) shows that the damping effect of the winding losses on 
the voltage waves increases with the frequency. The eddy current losses 
are mainly responsible for that, since the losses in the insulation de-
crease with the increasing order of the considered resonance. Figure 18 
represents the voltage to ground distribution (26), , ( ⁄ , ω⁄ ), as 
a function of the normalized position and frequency. The distribution 
takes into account the losses in the winding through the dissipative pa-
rameters. In that way, where the distribution presents the relative max-
ima, the corresponding frequencies are resonance frequencies (32).  
In Fig. 18, it can be recognized that the sequence of the resonance fre-
quencies converges to the critical frequency while the amplitude of the 
corresponding relative voltages decreases. 
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FIGURE 18 – Several resonance modes of the field winding. 

The critical frequency represents the ultimate resonance frequency. In 
fact, the winding does not resonate anymore beyond the critical fre-
quency. The reason for that is the nature assumed by the specific series 
impedance ̅. The critical frequency also represents the parallel reso-
nance frequency of the circuit in Fig. 15. For frequencies higher than 
the critical one the series impedance ̅ definitively works as a capacitive 
load, making it impossible for the specific capacitance c to give rise to 
a series resonance. Since the periodic energy exchange between distrib-
uted inductance and capacitance is not possible anymore, the propaga-
tion of the voltage along the winding happens by means of the electro-
static induction, so that the current in the winding represents the dis-
placement current through the turn-to-turn elastance essentially. That 
gives to the voltage distribution the characteristic pseudo-exponential 
decay versus x, which can be observed in Fig. 18 for frequency higher 
than the critical one.  

Therefore, when the circuit in Fig. 15 reduces to the specific capaci-
tances at high frequency, the propagation constant becomes a real num-
ber which depends on the ratio between the winding capacitance to 
ground and the turn-to-turn capacitance essentially = √ = . (33) 

In Appendix 4, it is shown that the specific voltage gradient at the be-
ginning of the winding depends on the propagation constant according 
to ≈ −‖ ‖. (34) 

Therefore, the specific gradient at the critical frequency is ≈ − = −√ = − , (35) 

whereas, at high frequency, it results 
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≈ −‖ ‖ = −√ . (36) 

Comparing (35) and (36), it can be recognized that the voltage gradient 
at the critical frequency can be harsher than the one at high frequency, 
if the quality factor of the winding at the critical frequency is larger than 
one > 1. (37) 
However, considering the low value of the winding quality factor for 
solid pole WFSM windings at the first resonance frequency (Q≅1÷3) 
and taking into account the increasing eddy current losses when the fre-
quency increases, it can be realized that (37) can hardly be fulfilled. 
Hence, the high frequency gradient remains the most important gradient 
in the field winding for all the cases of practical interest. 

2.4. The importance of the modal dispersion 
Many works studying transients in the windings of electrical machines 
make use of lumped circuit models. The reason for that is the simplicity 
in solving discrete components circuits in the time domain, especially 
if they are linear and present constant parameters. Since the lumped 
model is a discrete approximation of the real continuous object of study, 
some attention must be paid to the choice of the minimal number of 
elements, in which the real object must be broken into. In the end, this 
choice affects the accuracy of the simulations obtained through the 
lumped circuit model itself. One of the most important fact to pay at-
tention to is that the assumption of considering the voltage or current 
constant in each single lumped element reflects, as good as possible, the 
real behavior in the winding. Therefore, said a the length of the winding 
and n the number of lumped cells in cascade approximating the distrib-
uted parameter model, the condition 

 ≫   (38) 

ensures that the voltage or current propagation time within each 
lumped-cell is negligible in comparison to the wave period of the stud-
ied m-th harmonic. Therefore, considering or neglecting the presence of 
the modal dispersion in the winding can make a remarkable difference 
in the outcome of (38). This can be shown by means of two examples 
about the same winding. The first case takes into account the modal 
dispersion. Hence, if the harmonics of interest are those below the m-th 
natural frequency of the winding, considering (20) and (28), condition 
(38) becomes  
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= ≫  → ≫ . (39) 

The twelfth natural frequency of the field winding for the 60 kVA syn-
chronous generator studied in Paper 3 corresponds to f12=94.75 kHz. 
The correspondent propagation speed results u12=8.1⋅106 m/s, whereas 
the winding length is a=1027 m. If the operator “>>“ means, e.g., 10 
times at least, according to (39), in order to proper consider the frequen-
cies till the 12th resonance frequency, a minimum of 60 cells is needed 
in the lumped circuit model. The second example does not pay attention 
for the modal dispersion. According to a recurring assumption made in 
many works on this matter [27-31], the propagation speed in the wind-
ings is assumed constant as the voltage or current transmission through 
the winding were a TEM one. Assuming for the winding insulation 
εr=2.4 and considering (21), condition (38) becomes 

√ ≫  → ≫ √ = 0.5.  (40) 

Having neglected the modal dispersion, it seems that a cascade of 0.5 x 
10= 5 lumped cells is enough for correctly describing the behavior of 
the winding up to the twelfth natural frequency of the winding. But the 
number of the needed cells evidently results underestimated. In fact, the 
propagation time in one-fifth of the winding length is in the end larger 
than the period of the twelfth natural frequency = 25.3  > = 10.3  ,  (41) 

which openly contradicts condition (38). 
If the order of the last significant harmonic, which the lumped circuit 
aims to reproduce, is close to the winding critical frequency, the number 
of the needed cells could increase significantly. This is due to the very 
low propagation speed (20) presented by the highest natural frequen-
cies. This fact could jeopardize the advantage of using a simplified 
lumped-circuit model over a distributed parameters one, when the num-
ber of cell to be used is anyway considerable. Moreover, the depend-
ence of both inductance (6) and apparent resistance (7) of the field 
winding on the frequency makes the constants of the lumped circuit de-
pendent on the frequency too. The resolution of Ordinary Differential 
Equations (ODE) with frequency dependent parameters requires special 
algorithms involving convolution integrals [32]. This fact makes the 
complexity of the computational problem in the time domain even 
heavier. 
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2.5. A frequency dependent winding model 
For the reasons presented in the previous paragraph, this work has fo-
cused the attention on the construction of a distributed parameters 
model for the field winding, with frequency dependent constants. The 
goal is that to obtain the Transfer Function (TF), , ( , ), given in 
(26) in order to express the turn-to-ground voltage, ( , ), at a ge-
neric distance x from the applied input voltage, ( ). The input volt-
age is the Fourier Transform (FT) of a generic applied voltage, ( ), 
according to ( ) = ( ) .  (42) 

The response of the winding in the time domain, ( ), can be achieved 
by anti-transforming the correspondent frequency response at the pro-
gressive x by ( ) = , ( , ) ( ) .  (43) 

The construction of the integrand function in (43) does not pose special 
difficulties, even though the TF shows frequency dependent parame-
ters. In the frequency domain, it just takes a multiplication of functions 
whereas, in the time domain, it would require their convolution. 
The voltage signals considered by this research are the rapid front edges 
produced by the fast switching of power electronics switches. Examples 
of this kind of voltage functions are those presented in Figure 19. 

 
FIGURE 19 – Voltage signals related to the same rise-time τ (from Paper 
IV): a) step function, b) pulse with duration T, c) triangular pulse. 
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These voltage profiles take all the same rise time, τ, in order to reach 
the same maximal voltage, V. The step function a) holds the reached 
voltage V indefinitely, the pulse b) for a finite time T, whereas the tri-
angular pulse c) just for an instant. It is to be expected, that these dif-
ferent features in the time domain plant some differences in the spectral 
densities of the considered signals. At the same time, as shown in Fig. 
19 through the shaded profiles, all three signals have something in com-
mon, since they can be obtained by superposition of the same step func-
tion differently delayed and mirrored. In Figure 20, the voltage spectral 
densities of the three signals are represented for T=10 μs and τ =10 ns. 

 
FIGURE 20 – Voltage densities of the three signals in Fig.19 having 
the same rise-time τ =10 ns and the same maximal voltage V=100 V 
(from paper IV). 

It can be noticed that the strongest difference between the step function 
and the pulse takes place for frequency lower than 1/T essentially. Oth-
erwise, the three voltage profiles share almost the same spectrum for 
frequency higher than 1/τ. This fact clearly points to a correspondence 
between the common rising front of the signals and the common har-
monic content of the spectral densities beyond the frequency 1/τ. There-
fore, if the effect of the rapid voltage edges must be caught by the pro-
posed model, the model must be able to reproduce the behavior of the 
winding at high frequency. For all the reasons presented so far, Paper 
III has been dedicated to the determination of a distributed parameters 
model of the field winding which: 

a) takes into account the modal dispersion, 

b) has frequency dependent parameters and 

c) is able to reproduce the winding behavior at high frequency. 
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3. Methods 

3.1. The analysis of the winding transfer function 
The analysis of the fast switching voltage front in the previous para-
graph has shown that the rapid variation of the voltage applied to the 
winding is related to the highest spectral lines of the signal spectrum. 
The time response produced in the winding by such a signal must con-
tain the same lines but with some changes in their amplitudes and 
phases operated by their passage through the winding itself. For this 
reasons, the TF of the model representing the field winding must be able 
to reproduce the frequency response of the field winding, in a broad 
range of frequency. This would make sure that all the needed infor-
mation about the winding voltage response is available and complete in 
the frequency domain. Therefore, the knowledge of the winding behav-
ior in the frequency domain is a key passage in the construction of the 
model. In the literature, it is possible to find many references about the 
experimental setups for obtaining the TF of a winding. In particular, the 
technique called Frequency Response Analysis (FRA) [33-36] makes 
use of the TF in order to detect fault conditions or unwanted struc-
tural/functional changes in the windings. This consists in supplying the 
winding, or a portion of it, by a known sinusoidal voltage with adjusta-
ble frequency (input) and measuring the resulting voltage or current in 
another point of the winding (output). The complex function which cor-
relates the specific output quantity to the input quantity depends on the 
frequency and characterizes the TF of the winding at the specific chosen 
measurement point. In Paper I, the setup reproduced in Figure 21a has 
been used. It consists of a square wave inverter having the field winding 
connected to the poles of the inverter legs. Each pole voltage can be 
represented through its AC and DC components (Fig. 21b), which re-
veal the presence of a DC-bias (common mode voltage) in the setting. 
Figure 21c shows the sole AC components (differential mode voltage) 
supplying the winding. The application of a square wave voltage to the 
winding does not represents a limitation for the harmonic analysis, since 
the very low cutoff frequency of the winding attenuates the higher har-
monics much more than the fundamental one.  
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Figure 22 shows the result of the strong input signal filtering caused by 
the winding. However, a drawback of this setting is that the middle 
point O of the winding assumes a specific voltage and cannot be forced 
to ground in order to have a sure potential reference. Therefore, the use 
of the inverter shown in Fig. 21 does not allow to connect a single point 
of the winding to a fixed potential.  

 
FIGURE 21 – The square wave inverter for supplying the winding: a) 
H-bridge, b) DC and AC voltages, c) differential mode voltages (from 
Paper I). 

 
FIGURE 22 – A sinusoidal output voltage got from a square wave input.  

For this reason the setup in Figure 23 has been adopted in the end, where 
the winding is earthed at one terminal, while it is supplied by a sinusoi-
dal voltage source with variable frequency at the other one. 

 
FIGURE 23 – 2p points of measure for the winding voltage to ground 
(redapted from Paper I) 

In this setup, one point of the winding is permanently and effectively 
connected to the ground potential, whereas the node O, in the middle of 
the winding is free to assume different voltages. This allows to detect a 
lower resonance frequency in the winding, where the half-wave of the 
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voltage acts over 2p poles instead of p poles only (Fig. 21c). Moreover, 
all the connection points between the adjacent pole-windings (referred 
as winding taps in the thesis) are accessible for measuring the winding 
voltage to ground without any need to remove the insulation in other 
point of the winding. That makes it possible to detect 2p transfer func-
tions along the winding, just by changing the position where the output 
voltage needs to be measured. 

3.2. The experimental determination of the parameters 
The adopted distributed parameters model for the field winding in the 
frequency domain is represented in Figure 24, where only four of the 
six parameters shown in Fig. 15 need to be determined. 

 
FIGURE 24 – model for the field winding in the frequency domain 
(readapted from paper IV). 

The specific conductance g and the wire specific AC-resistance rw have 
been neglected in the model. The specific conductance g is related to 
the losses in the insulation and, in Appendix A.3, it is shown that the 
relative importance of the dielectric losses to the eddy current losses 
decreases with the increasing frequency. The skin- and proximity effect 
cause the increase of the winding AC-resistance with the frequency 
since the conduction current gets confined in a smaller and smaller por-
tion of the wire cross-section, the dimension of which is determined by 
the penetration depth. Therefore, while the winding resistance grows 
according to the square root of the frequency, the winding reactance 
grows almost linearly with the frequency, since the inductance reduces 
to the winding stray inductance in air in the worst case scenario. This 
fact suggests that, in the end, the conduction current in the wire is lim-
ited by the winding inductance essentially.  
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3.2.1. The parasitic capacitances of the winding 
Equation (36) shows that, for frequency larger than the critical one, the 
initial gradient of the voltage distribution along the winding depends on 
the ratio between the capacitances Cp and Cs. With reference to Figure 
25, measuring the voltage to ground between the first and the second 
pole-winding (setup in Fig. 23), three points of the relative voltage dis-
tribution get determined: the input voltage equal to 1, the first pole volt-
age to ground and the end voltage equal to zero. 

 
FIGURE 25 – Relative voltage distribution at high frequency.  

This data is enough for plotting the entire voltage profile, since the 
propagation constant, , can be found by numerically solving the 
equation = ( ) . (44) 

Once  is known, the ratio between Cp and Cs can be easily deter-
mined from (33) by  = ( ) . (45) 

Alternatively, by measuring the voltages at two internal points in the 
winding, and by knowing the initial and final values of the voltage dis-
tribution, a least mean squares fitting curve  = +  (46) 
can be found. At this point, the propagation constant, , can be deter-
mined in two different ways. The first way makes use of the derivative 
at x=0 of (46) = ( − ). (47) 
The second way considers the intercept, a*, on the x-axis taken by the 
tangential straight to the fitting curves (46) at x=0 
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= ∗. (48) 

However, the knowledge of the propagation constant at high frequency, 
, can only provide the ratio between the winding parasitic capaci-

tances (45). In order to determine Cp, the largest one of the two capaci-
tances, the principle of the capacitive voltage divider can be used, as it 
is shown in Figure 26.  

 
FIGURE 26 – Setup for measuring Cp and Cg (readapted from Paper III) 

The capacitance towards ground for the machine frame or the rotor can 
roughly be estimated through the formula ≅ 2 , (49) 

where  is the permittivity of the vacuum and d the machine or rotor 
diameter respectively. Equation (49) indicates that the ground capaci-
tance, , has the order of magnitude of tenths or hundreds of picofarad. 
If a ballast capacitor of known capacitance, Ck, is used for grounding 
the machine frame, the same goes in parallel to the capacitance . As 
soon as a low frequency sinusoidal potential with amplitude Vin is 
forced at the two terminals of the field winding, a voltage divider is 
build up between   on the one side and the parallel of   and   on 
the other side. If the ballast capacitance is two orders of magnitude 
larger than  , the potential, Vout, assumed by the machine frame, de-
pends on Vin,   and  .essentially. Therefore, the capacitance,  , 
can be indirectly measured by using the measured potential Vout in the 
formula  ≅ . (50) 

Once   is known,   is easily obtained from (45). 
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3.2.2. The parallel resistance of the winding 
With reference to Figure 27, the elements of the lumped-circuit en-
closed by the shaded box represent the field winding parameters. The 
elements outside the box are related to the external components, such 
as the sinusoidal voltage generator, , with its internal impedance, , 
the external ballast capacitor, , the ground capacitance of the machine 
frame, , and the resistive load, . 

 
FIGURE 27 – Setup for determining Rp (from Paper III) 

Since the capacitance, , accounts for hundreds of picofarad, it is in 
general much smaller than the capacitance, , or the ballast capaci-
tance, , which range in the order of nanofarad. This is the reason why 
the ground capacitance, , can be considered an open circuit, at least 
for frequencies below the first natural one. Therefore, the capaci-
tances ,   and  , form a single large capacitance in parallel with 
the winding inductance,  , and the winding parallel resistance,  . 
The described topology represents a parallel resonant circuit with reso-
nance frequency ( ) ≅ . (51) 

For frequencies lower than , the circuit portion inside the shaded box 
in Fig. 27 shows a predominant inductive nature; whereas, for frequen-
cies higher than , it turns into a resistive-capacitive load. At the reso-
nance frequency, , the capacitive and inductive reactance of the same 
circuit portion cancel out, so that the circuit inside the shaded box re-
duces to the sole resistance,  .This is the sole condition, where the 
voltage divider, having  as the input and  as the output, does not 
cause any phase displacement between the two sinusoidal voltages. 
This fact can be easily detected by sensing  on the channel X and 
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 on the channel Y of an oscilloscope, when the XY-mode of visu-
alization is activated on the screen. When the circuit in Fig. 27 is out of 
resonance, a more or less pronounced elliptical trace will appear on the 
oscilloscope screen as shown in Figure 28. As soon as the same circuit 
is in resonance, the elliptical trace turns into a straight segment with a 
positive slope instead. 

 
FIGURE 28 – The Lissajous figures help to detect the resonance con-
dition (from Paper III). 

By selecting a certain value of the ballast capacitance,  , a unique 
parallel resonance frequency, ( ), for the circuit in Fig. 27, is de-
termined. By adjusting the frequency of the sinusoidal voltage genera-
tor, the circuit can be set into resonance, where the observation of the 
trace shape on the oscilloscope helps to recognize when the resonance 
is met. Under that condition, the knowledge of the resistance value,  , 
and the measurements of the input and output voltages,  and , 
allow the indirect determination of the resistance,  ( ), by  ( ) =  − 1 . (52) 

Since the resonance frequency can be changed by changing the value 
of the external capacitance, , given a set of different ballast capaci-
tances [ ], a set of different resonance frequencies [ ] can be tar-
geted. This makes it possible to measure several values of   by (52), 
each one corresponding to a specific resonance frequency. An experi-
mental dependence of the parallel resistance,  , on the frequency, , 
can be graphically expressed through a set of points, the coordinates of 
which are [ ,  ].  
In order to evaluate how strongly the resistance,  , depends on the 
frequency, the sequence of points [ ,  ] can be fitted by the function   ( ) = . (53) 
The coefficients H and σ  are the outcomes of the fitting operation.  
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3.2.3. The inductance of the winding 
In Paper II, it has been shown that the winding inductance decreases 
when the frequency increases, due to the degaussing effect of the eddy 
currents. Therefore, a frequency dependent parameter, l, for the specific 
inductance must be taken into account in the distributed parameter 
model in Fig. 24. This fact introduces some difficulties not only in solv-
ing the equations (16) and (17) in the time domain, but also in deter-
mining the natural frequencies in the frequency domain. From (30), it 
can be recognized that the natural frequency depends on the winding 
inductance, which in turn depends on the natural frequency  = ( ) . (54) 

Therefore, an iterative method would be needed in order to determine  . Nevertheless, if a simple inductance law is assumed for the field 
winding, such as = , (55) 
the parasitic capacitances of the winding can be related to the first and 
the m-th generic winding natural frequency by (Appendix A.5) = ( ) 1 −  (56) 

and = ( ) − 1 . (57) 

If the first and the m-th natural frequencies of the winding are known 
together with the capacitances  and , the parameters of the law (55), 
K and γ, can be determined by solving the system of (56) and (57).  

In reality, the natural frequencies of the winding cannot be measured 
exactly due to the presence of dissipative phenomena in the winding. 
These make the resonance frequencies lower than the corresponding 
natural frequencies (Appendix A.3). In order to minimize the difference 
between the measured resonance frequencies and the needed natural 
frequencies, the use of the first and the second resonance frequency in 
(56) and (57) is advisable. The equation system to be solved, for deter-
mining K and γ, becomes then = 1 − 2= 2 − 1

. (58) 

The measurement of resonance frequencies is done by means of the set-
ups a) and b) in Figure 29 respectively. 
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FIGURE 29 – Setups for the detection of a) the1st and b) the 2nd reso-
nance frequency of the winding respectively (From Paper III). 

The first resonance frequency is obtained by supplying the entire field 
winding and detecting the frequency which maximizes the amplitude of 
the ratio between  and  at the central tap. The second resonance 
frequency is detected by supplying the second half of the winding and 
observing when the amplitude of the ratio between  and  reaches 
its maximal value at ¾ of the winding length. In this second case, if the 
rotor does not have a number of poles which is multiple of four, it is 
sufficient to detect the maximum voltage condition at the first available 
tap close to the ¾ of the winding length.  

3.3. The simulation in the time-domain 
The simulation in the time domain consists in reproducing the voltage 
responses of the field winding to a fast rising voltage front by using the 
distributed parameter model presented in Fig. 24. The voltage responses 
chosen as a reference and to be compared with the results of the simu-
lation are obtained through the setup in Figure 30. 

 
FIGURE 30 – The application of fast rising voltage edges to the field 
winding through a feeder cable 
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A generator of fast rising voltage edges, with variable rise time, is ap-
plied to the field winding of a four salient pole synchronous machine 
by means of a bipolar cable (feeder). Considering the field winding in-
itially not excited, when the MOSFET T is switched on, the DC-voltage 
Vlink is almost entirely transferred to the field winding. By adjusting the 
value of the gate resistance, , the risetime of the applied voltage can 
be varied continuously between 10 ns and 1 μs. In this way, the cascade 
of the feeder and the field winding can be supplied with several step 
voltages showing different rise time. 

Moreover, the feeder can be removed so that the fast voltage edge 
generator directly supplies the field winding.  

Since the field winding is a highly inductive load, a flyback-diode is 
provided in parallel to it. This allows the field current to circulate in the 
winding for a longer time than the switch-off time of the MOSFET, 
preventing by that the insurgence of potentially harmful self-induced 
electromotive forces during the test. 

In Fig. 30, five different points (from 1 to 5) are shown, where the 
voltage responses to a given edge voltage are recorded. These represent 
the beginning of the feeding cable (point 1) and the four inter-polar taps 
of the winding (from 2 to 4) respectively. When the feeder is removed, 
only four winding taps are available for detecting the winding response. 
 
The circuits used for simulating the field winding voltage responses, for 
the same applied voltages produced by the experimental setup in Fig. 
30, are represented in Figure 31 and Figure 32, for the case without and 
with the feeder respectively. 

 
FIGURE 31 – Two-port networks cascade representing the field wind-
ing in the frequency domain (from Paper IV). 

In both circuits each single pole winding is represented by the same 
two-port network, the parameters of which,  



 47

̅̅ = ℎ ̅ ℎℎ ℎ , (59) 

are related to the propagation constant, , and to the characteristic im-
pedance, ̅ , of the single transmission line model in Fig. 24. 

 
FIGURE 32 – Two-port networks cascade representing the field winding 
supplied through the feeder in the frequency domain (from Paper IV). 

In Fig. 32, a two-port network representing the feeder is set before the 
cascade of the four pole-winding blocks. The parameters used in this 
first two-port network are  ̅ ̅ = ℎ ̅ , ℎ

, ℎ ℎ , (60) 

where , ̅ ,  and represent the propagation constant, the characteris-
tic impedance and the length of the feeder respectively. 
 
The generic voltage pulse, provided by the edge voltage generator in 
Fig. 30, can be represented by the signal shown in Fig. 19b. It has am-
plitude V, rise time τ and duration T >> τ, with the spectral density de-
fined by  = ( )

. (61) 

If ( ) represents the voltage transfer function at the n-th pole in Fig. 
30 for n=2, 3, 4, the voltage response to the signal (61) at the same 
winding tap can be obtained by ( ) =  ( ) = ( ) . (62) 

In the same way, if , ( ) represents the voltage transfer function at 
the n-th pole in Fig. 31 for n=1, 2, 3, 4, the voltage response to the 
applied voltage (61) at the same winding tap can be obtained by 

, ( ) =  , ( ) = , ( ) . (63) 
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4. Results and Discussion 

The methods presented in the previous chapter have been applied to the 
three phase, 60 kVA Wound Field Salient Pole Synchronous Machine 
shown in Figure 33. 

a) b) 
FIGURE 33 – The test synchronous machine: a) rotor, b) stator. 

The main properties of the test machine are summarized in Table 2. 
TABLE 2 – Main ratings of the test Synchronous Machine 

Rated 
Power 

Rated 
Voltage 

Rated 
Speed 

Pole 
Pairs 

Rated 
Field 

Current 

Field 
Winding 

Resistance 
(20°C) 

      
(kVA) (V) (rpm) (-) (A) (Ω) 

60 400 1500 2 10 6.9 

4.1. The parameters of the winding 
The parameters of the field winding have been determined by using the 
methods described in paragraph 3.2. In order to understand the influ-
ence of the machine stator on the field winding parameters, these have 
been measured under two conditions: with the rotor inserted in the sta-
tor bore and with the rotor laid outside the stator bore. 
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4.1.1. The winding capacitances 
The determination of the parasitic winding capacitances, according to 
the capacitive voltage divider method presented in paragraph 3.2.1, has 
given the results presented in Figure 34 and Figure 35, for the machine 
frame ground capacitance, Cg, and the winding parallel capacitance, Cp, 
respectively.  

Each measurement has been performed with two different ballast ca-
pacitances, Ck (3.2 and 18.3 nF respectively), in order to check the pres-
ence of a possible scale factor. The values of the ballast capacitances 
have been measured through an electronic Q-meter. Fig. 34 shows that 
the frame capacitance of the machine depends consistently on fre-
quency (∼7.5 pF/kHz), probably due to the effect of the large conduc-
tive surfaces, upon which the displacement current acts. When the rotor 
is inserted in the stator bore and the stator and rotor share the same po-
tential, the capacitance of the metal frame towards the ground increases. 
This fact can be recognized through the relative position of the related 
measurements (diamond markers) with respect to the capacitance trend 
versus the frequency. 

 
FIGURE 34 – The frame capacitance towards ground. 

The capacitance of the winding towards the metal frame, Cp, turns out 
to be independent from the frequency essentially, how the almost hori-
zontal trend line in Fig. 35 indicates. 

It is interesting to observe that the presence of the armature around 
the rotor does not affect the value of the parallel capacitance. This 
means that the electrostatic induction of the winding is almost entirely 
oriented towards the rotor iron and that only a negligible number of 
field lines crosses the airgap ending up in the stator iron. In other words, 
the position of the field winding, deeply buried in the spaces between 
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the poles and enclosed by the polar shoes, makes the electrostatic in-
duction between the winding and the rotor complete. 

 
FIGURE 35 – The winding capacitance towards the machine frame. 

The parallel capacitance of the winding results in average Cp =1.85 nF, 
which, referred to the winding length, a= 1027 m, gives a specific par-
allel capacitance of the winding, c= 1.80 nF/m. 

The determination of the series capacitance of the winding can be 
done by measuring the specific voltage gradient (36) of the field wind-
ing for a frequency larger than the critical one. This permits to find out 
the ratio (33) between the parallel and the series capacitance, which 
provides the series capacitance, Cs, once the parallel, Cp, is known. 

The markers in Figure 36 show the relative voltage to ground of the 
winding measured at 230 kHz and at the usual winding taps. The black 
markers stand for the rotor set into the machine bore and white marker 
for the rotor outside the machine bore. 

 
FIGURE 36 – Winding voltage distribution beyond the critical frequency. 
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It is possible to observe that the voltage measurements are almost the 
same for the two rotor positions. For this reason, a single common fit-
ting function (46) has been determined, which plots the shaded line in 
Fig. 36. This fitting curve has a tangent at x=0, which is represented by 
the continuous black curve bending down vertically. This curve tends 
to the intercept, a*=204 m, on the abscises axis, when the relative volt-
age tends to zero. Therefore, according to (45) and (48)  = ( ) = ∗ = 25.3. (64) 

From (64), it is possible to conclude that the specific series capacitance 
of the winding is 25.3 times smaller than Cp, so that the specific winding 
elastance is = = . = 5.4 μF m . (65) 

The possibility to calculate the ratio between the parasitic capacitances 
of the winding by the specific voltage gradient of the field winding 
makes it clear, that exactly the ratio between Cp and Cs is responsible 
for the gradients between the first turns of the winding, when a rapid 
voltage transients happens. With N being the number of turns in one 
pole, Vp the DC-voltage applied to the pole and d the distance between 
two adjacent turns, the maximal electric field due to the rapid transient 
voltage is = . (66) 

In Table 3, the values of (66) are estimated with reference to the test 
machine in Fig. 33 and two further salient pole WFSM machines with 
rated power 110 kVA and 10 MVA respectively (Figures 37b and 37c).  

 
FIGURE 37 – Reference rotors for the voltage gradient estimate: a) S=60 kVA, p=2; 
b) 110 kVA, p=6; c) 10 MVA, p=5. 

The maximal electric field is evaluated under three different conditions: 
A) the field winding is supplied by the nominal field voltage Vf,R , B) 
each couple of pole windings are supplied by 325 VDC-link and C) each 
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couple of pole windings are supplied by 565 VDC-link. The last two 
conditions refer to the worst-case scenario for the split rotor technique 
[10], where the DC-link voltage levels achievable from a 400 V-50 Hz 
network are applied to a pole-pair winding.  

TABLE 3 – Estimates of the maximal electric field due to rapid voltage edges. 
SR p Vf,R a d Cp Cs N    

kVA - V m mm nF pF - Vmm-1 Vmm-1 Vmm-1 
60 2 100 1027 0.05 1.81 71.4 460 5.46 35.6 61.8 
110 6 140 1637 0.18 3.60 14.7 162 6.26 87 151 
104 5 40 924 0.2 36.9 125.8 24 14.3 580 1007 

The effect of potential overshoots on the VDC-link has not been taken 
into account in calculating the voltage gradients of Table 3. According 
to Table 1, the overshoot could magnify the maximal electric field up 
to 2.5 times the estimated values. Nevertheless, it is clear, that the fast 
voltage edges produced by the power electronics deserve attention in 
large and slow synchronous machines, when the field current is con-
trolled separately on single poles or on pole pairs, without using an 
adjustable DC-link voltage.  

4.1.2. The winding resistance 
The setup presented in paragraph 3.2.2 has permitted the indirect meas-
urement of the parallel resistance Rp of the field winding under the two 
conditions, rotor put inside and outside the stator bore respectively. In 
order to target different parallel resonance frequencies in the winding a 
set of six different ballast capacitances, Ck, has been used. Figure 38 
shows the results of the measurements. 

 
FIGURE 38 – The trend of the parallel resistance of the winding 
(From Paper III). 
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The first fact to recognize in Fig. 38 is that the presence of the stator 
around the rotor does not affect the dependency of the parallel re-
sistance on the frequency. In fact both set of markers (circles for the 
rotor outside and crosses for the rotor inside the bore) follow the same 
trend in frequency. This result has been theoretically anticipated in Pa-
per II, where it is shown that the parallel resistance model is to be pre-
ferred to the series resistance one for representing the eddy current 
losses in the field winding. This is due to its independence from the 
armature reaction and the airgap dimensions. The second remark is 
about the trend of the resistance law at higher frequency. In the kHz 
range the measured values show a constant trend, which is caught very 
well by (53). The fit of the data by (53) has revealed that the parallel 
resistance grows with the power 0.7 of the frequency. Since the re-
sistance Rp is related to the eddy currents in the rotor iron mainly, its 
dependence on frequency should theoretically point to the power 0.5 
(Paper II). The discrepancy between the expected result and the one 
obtained is probably due to the ability of the chosen experimental ap-
proach to capture second order dissipative phenomena in the winding, 
which were not foreseen or conceptually modeled in advance. This 
stresses even more the importance of an experimentally based approach 
for building a frequency dependent model of the field winding. 

4.1.3. The winding inductance 
The determination of the field winding inductance law needs the meas-
urements of the first and second resonance frequencies of the winding 
in advance (paragraph 3.2.3).  

This is done by means of the setups in Fig. 29a and Fig. 29b and the 
results are presented in Figure 39 and 40 respectively.  

Fig. 39 shows that the voltage transfer function at the central tap of 
the winding is essentially the same for the rotor laying outside the ma-
chine bore or inside it. The peak of the transfer function is reached at 
43.4 kHz and it represents the first resonance frequency of the winding. 

By supplying the second half of the winding and measuring the out-
put voltage at ¾ of the winding length, the voltage transfer functions in 
Fig. 40 are obtained. Contrarily to Fig. 39, the relative position of the 
rotor and the stator makes a difference between the transfer functions 
in Fig. 40. It is clearly recognizable that the second resonance frequency 
is higher when the rotor is set into the stator bore (74.32 kHz) than when 
the rotor is completely extracted from the machine (71.11 kHz). 
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FIGURE 39 – The detection of the first resonance frequency of the 
field winding earthed at its end (from Paper III). 

 
FIGURE 40 – The detection of the second resonance frequency of the 
field winding earthed at its end (from Paper III). 

Since the measurement of the winding parasitic capacitances has proved 
that these are not affected by the presence of the stator around the rotor 
(paragraph 4.1.1), according to (44), the change of the 2nd resonance 
frequency in the winding depends on a change in the winding induct-
ance. The equation system in (58) finds out the inductance law of the 
winding, once the parasitic capacitances, Cp and Cs, are known together 
with the first and second resonance frequencies. In Figure 41, the in-
ductance law determined through (58) is reproduced for the rotor set 
into the machine bore (dashed line) and for the rotor outside it (contin-
uous line). 
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Both curves plotted in Fig. 41 show that an increasing frequency pro-
duces a drop in the inductance value. This is in line with the results of 
Paper II, which represents the winding inductance as negatively corre-
lated to the frequency, due to the demagnetizing effect of the eddy cur-
rents. 

 
FIGURE 41 – The test synchronous machine: a) rotor, b) stator (from 
Paper III). 

It is by chance that the two curves cross each other exactly at the first 
resonance frequency, because there is not physical reason why these 
should. Nevertheless, below the first resonance frequency the presence 
of the armature around the rotor makes the field winding inductance 
higher than in the case of the rotor alone. This can be explained by the 
lower reluctance path for the field winding magnetic flux, when the ro-
tor is inside the bore. At higher frequencies than the first resonance one, 
the degaussing effect of the eddy currents is strengthened by the pres-
ence of the armature and it results in a steeper decrease of the winding 
inductance versus the increasing frequency. This evidence is very coun-
terintuitive since it shows that the presence of a ferromagnetic and con-
ductive closure path for the flux does not always contribute to an in-
crease of the inductance for the exciting winding. In cases like the one 
presented in Fig. 41, the improved reluctance path for the flux rein-
forces the demagnetizing effect of the eddy currents more than the flux 
itself. Since the inductance of the field winding is reduced by the pres-
ence of the stator for frequencies in the kilohertz range, it is possible to 
foresee that high frequency voltage waves propagate faster in the wind-
ing when the rotor is inserted into the machine bore rather than outside 
of it. This fact makes the field winding appear “electrically shorter” 
when the rotor is inside the stator bore. For this reason, the overvoltage 
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test to rapid voltage edges, performed on the winding of the sole rotor, 
must be considered harsher than the one performed on the finally as-
sembled machine. 

The inductance laws represented in Fig. 41 have been measured with-
out paying attention to the angular position between rotor and stator, 
which could play a role in changing the inductance value when the rotor 
is inserted in the stator bore. Potential influences in that sense can be 
exerted, e.g., by the armature slotting and by the rotor eccentricity. In 
Paper III an experimental setup and procedure have been specifically 
proposed for detecting an eventual variation of the winding inductance 
or of the winding parasitic capacitances, due to the rotor angular posi-
ton. This technique is based on the detection of a phase displacement 
between the voltage at the beginning and at the end of the winding 
closed on a resistor, under the condition that the voltage is tuned on ¾ 
of the winding length (Figure 42a). Fig. 42b does not shows relative 
displacements between the two measured voltages, in spite of the dif-
ferent rotor angular positions. This means that no changes intervene in 
l, c or k, since the winding wave number (29), which depends on l, c or 
k, has remained unaffected. 

 
FIGURE 42 – XY-mode for detecting a voltage phase shift due 
to a) a frequency variation, b) a change in the inductance/capac-
itance of the winding (from Paper III). 
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4.2. The frequency response of the winding 
Once the determination of the parameters for the model in Fig. 15 is 
completed, the transfer function (26) can be compared with the transfer 
function of the winding detected at the usual winding taps. Since the 
propagation constant of the winding  depends on the frequency, three 
different frequencies have been chosen for reproducing the voltage pro-
file. These frequencies are representative of three different behaviors of 
the field winding: a subcritical behavior at low frequency, a subcritical 
behavior at the first resonance frequency and a supercritical behavior 
(beyond the winding resonance frequencies). 

Figure 43 shows the voltage distributions of the winding earthed at 
its end for the case of the rotor outside the stator bore. Figure 44 repre-
sents the same profiles for the rotor inserted in the stator bore.  

 
FIGURE 43 – Voltage profiles for the rotor outside the stator bore (from Paper III). 

In both cases, it can be observed how close the adopted model in Fig.15 
can reproduce the real voltage profiles for the chosen frequencies.  

 
FIGURE 44 – Voltage profiles for the rotor inside the stator bore (from Paper III). 
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At 1 kHz the inductive reactance is the parameter determining the linear 
distribution of the voltage along the winding. At the first resonance fre-
quency (around 44 kHz) the voltage profile is not linear anymore due 
to the dynamic emphasis of the resonance itself. The transfer function 
reaches its highest value close to the middle point of the winding. This 
value is related to the quality factor Q1 of the winding. In both figures 
Q1 can be estimated by the voltage amplification at x=a/2, which is circa 
2.4. The damping factor ζ1 of the winding at the first resonance fre-
quency is then 

 = ≅ 0.21. (67) 

From Fig. 40 the quality factor for the second resonance frequency is 
Q2≅1.6. The correspondent damping factor is then  

 = ≅ 0.31. (68) 

The comparison between (67) and (68) shows that the winding losses 
increase rapidly with the order of the resonance frequency. 

Once the frequency of the voltage applied to the winding overcomes 
the critical frequency (95.8 kHz for the rotor outside and 103.2 kHz for 
the rotor inside the stator bore respectively), the resonance is not possi-
ble anymore and the capacitive behavior of the winding sets the voltage 
profile distribution. For the chosen frequency 230 kHz, which is more 
than twice as larger as the critical frequency, the voltage profile can be 
assumed as that for f∞. Therefore, for frequencies higher than 230 
kHz the voltage distribution is defined entirely by Cp and Cs and re-
mains exactly the same as measured at 230 kHz. It can be concluded 
that starting from 1 kHz, up to frequencies beyond 230 kHz, the sug-
gested single transmission line model shows to correctly describe the 
frequency behavior of the field winding.  

4.3. The time domain simulation 

The good frequency response of the winding model (paragraph 4.2) 
over a wide frequency range makes it eligible for reproducing the wind-
ing responses to different applied voltages in the time domain. There-
fore, Paper IV has been concerned with the use of the same model for 
achieving timely voltage responses at the usual winding taps. Three dif-
ferent tests have been done. In the first test the field winding is supplied 
with an AC triangular wave at low frequency. This test must explore 
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how the model works in steady state. In the second test a rapid rising 
voltage edge produced by the generator in Fig. 30 is applied at the wind-
ing terminals directly, in order to excite the free response of the wind-
ing. In the last test, the same generator of fast voltage edges is connected 
to the field winding by means of a bipolar cable (feeder). In this way, 
by choosing the feeder length opportunely, it is possible to cause over-
voltages into the winding with supercritical frequency. 

4.3.1. The steady state simulation 
Figure 45 shows the real tap voltages (continuous plots) produced in the 
winding by a triangular AC supplying voltage of amplitude 7.5 V and 
frequency 12.3 kHz, which is directly applied at the winding terminals. 
It can be observed that the voltage amplitude decays linearly along the 
winding and that the peak voltage is more delayed, the farer is the wind-
ing tap from the winding starting point. Moreover, the comparison of 
the tap voltages with the supply one shows the distortion introduced by 
the winding.  

 
FIGURE 45 – Comparison between the measured and the simulated response voltages 
at the interconnections between the pole windings, as represented in Fig. 31. Input 
voltage applied to the winding directly: amplitude 13 V, frequency 12.3 kHz. (from 
Paper IV). 

The input voltage for the simulation includes frequencies until the 12th 
harmonic (147.6 kHz) and it can be observed how good the model re-
produces the tap voltages (shaded plots). Figure 46 shows the results of 
the same simulation where the input voltage includes the harmonics till 
the fifth one (61.5 kHz) only. Comparing Fig. 45 and Fig. 46, the only 
visible difference is about the input voltage. The filtering effect of the 
winding is so strong after just one fourth of the winding length, that the 
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harmonics of the input voltage beyond the 5th do not play practically 
any role in the voltage responses.  

 
FIGURE 46 – Comparison between the measured and the simulated response voltages 
at the interconnections between the pole windings, as in Fig. 31. The input voltage for 
the simulation only considers the harmonics up to the 5-th order (from Paper IV). 

4.3.2. The subcritical behavior 
Figure 47 shows the tap voltages produced in the winding by a positive 
sloped voltage edge with amplitude 13 V and rise time 0.2 μs. The rapid 
voltage front is applied to the winding terminals directly. The continu-
ous plots represent the actual tap voltages whereas the shaded ones 
stand for the simulated voltages. 

 
FIGURE 47 – Comparison between the measured and the simulated response voltages 
at the interconnections between the pole windings, as represented in Fig.32. Input 
voltage applied at the winding directly: rising voltage edge 13 V, rise time 0.2μs (from 
Paper IV). 
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It must be observed that the pseudo-periodic ringing, triggered in the 
winding by the rapid voltage edge, has a frequency of 44 kHz, which is 
practically coincident with the first resonance frequency detected in 
Fig. 39. Therefore, that ringing is the result of the superposition of a 
progressive and a regressive voltage wave at the first natural frequency 
essentially, which builds up a standing-wave-like voltage distribution 
in the winding. In fact, the largest overshoot of the voltage happens in 
the middle of the winding, whereas the overshoots at ¼ and ¾ of the 
winding length are smaller and equal in amplitude. At the beginning 
and at the end of the winding there are voltage nodes of course, since 
the voltage is fixed there. The rapid voltage edge applied to the winding 
causes more natural voltage waves other than the first order one to 
travel and to superpose in the winding. However, since these undergo a 
stronger attenuation than the first natural one, the ringing is essentially 
defined by the first natural frequency. In conclusion, the natural free 
response of the winding to a step-like voltage evokes only the natural 
frequencies of the winding, which are all subcritical. The part of the 
input spectrum exceeding the winding critical frequency cannot be 
propagated into the winding in form of a wave, since the critical fre-
quency is the ultimate propagation mode. Therefore, it is reflected back 
to the generator and get dissipated on the internal generator resistance. 
From this point of view the voltage generator represents a strong volt-
age source and this is the reason why it can force the voltage at the 
winding terminals. 

4.3.3. The supercritical behavior 
Figure 48 presents the voltage response of the field winding to a rapid 
voltage edge, when the winding is supplied through a 19 m long bipolar 
cable. 

In this test the stationary voltage level is 6.5 V and the rise time 50 
ns. The ringing produced by the test has a pseudo-frequency of 1.33 
MHz, well beyond the critical frequency of the winding, which is circa 
96 kHz. This remark excludes that the ringing can be sustained by volt-
age waves related to the winding natural frequencies. Therefore, the 
origin of the observed overvoltages is external to the winding and de-
pends on the feeder. In Paper IV, it is shown that the frequency of the 
ringing can be related to the properties of the cable essentially. Never-
theless, it can be observed in Fig. 48, that the supercritical overshoots 
can be detected not only at the terminals of the winding but all along it. 
The mechanism for transferring the supercritical perturbation from the 
beginning of the winding to its end is based on the electrostatic induc-
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tion, since the supercritical nature of the winding is definitively capac-
itive. This is confirmed by the real nature of the propagation constant 
(33), which produces only attenuation of the overshoots along the wind-
ing without introducing any phase shift between them. In Fig. 48, it is 
possible to recognize that the relative maxima of the overshoots almost 
happen at the same time at different taps of the winding and so do the 
minima. Moreover, the decay of the voltage overshoot amplitude re-
sembles the pseudo-exponential voltage distribution observed in the 
winding (Figures 25, 43 and 44) for supercritical frequencies. 

 
FIGURE 48 – Comparison between the measured and the simulated response voltages 
at the interconnections between the pole windings, as represented in Fig. 32. Input 
voltage applied through the feeder: rising voltage edge of 6.5 V with rise time 50 ns. 
(from Paper IV). 

Considering the mechanism of generation of the overshoots, one clas-
sical way to explain it points to the mismatch between the characteristic 
impedance of the cable, ̅ , , and the input impedance, ̅ , of the field 
winding [37] = , . (69) 
However, the frequency dependence of (69) makes it not suitable for 
getting a plain explanation of the phenomenon in the time domain. Fur-
thermore, it does not point directly to the voltage edge features in order 
to explaining the generation of the ringing. A more convenient way to 
do this is by following the theory of travelling waves applied to the 
transformer windings by R. Rüdenberg [38]. 

A rising step voltage ( ) ∙  can be regarded as the sum of the DC-
term with amplitude V/2 and the odd sign function sgn(x) multiplied by 
V/2. The sign function is knowingly related to the edge of the step volt-
age. Moreover, its Fourier transform is 

 ∙ ( ) = = . (70) 
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The part ( ) of the step voltage, ( ) ∙ , which can penetrate the wind-
ing is related to all signal harmonics which are subcritical. According 
to (68), it can be expressed as 

 ( ) = + = + ( ) , (71) 
since (70) is an odd function in . The integral term of (71) is called 
integral sine, briefly ( ), so that the normalized form of the function ( ) can be written as 

 , () = () = + (2 ), (72) 
where 

 = = . (73) 
The function (72) is represented in Figure 49 and shows that the part of 
the indicial input voltage, which can completely penetrate a field wind-
ing with the critical frequency fc, is a step signal with the rise time not 
larger than half the critical period Tc. The voltage edge which shows the 
ultimate rise time Tc/2 can be called critical voltage edge. 

 
FIGURE 49 – The normalized critical voltage edge (from Paper IV). 

Therefore, as soon as the rise time of the voltage edge applied to the 
field winding is shorter than half the winding critical period Tc (super-
critical voltage edge), the difference between the applied and the critical 
signal,  , gets rejected by the winding and reflects back towards the 
feeder. Figure 50a shows a step voltage, a critical voltage edge and a 
supercritical voltage edge, whereas Figure 50b shows the respective 
generated voltage residuals  .  

From Fig. 50b, it results that, beyond the critical rise time, the steeper 
the voltage edge, the higher the amplitude of the voltage residual getting 
reflected back to the supplying line. This fact poses a straightforward 
correlation between the amplitude of the first overshoot at the winding 
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terminals and the rise time of the applied voltage edge. In that sense, 
this approach to the ringing mechanism in the time domain explains the 
overshoots generation, by comparing the voltage edge rise time with a 
characteristic time Tc of the field winding. 

 
FIGURE 50 – a) Three different voltage edges, b) their relative voltage residuals. 

The validity of this conclusion has been experimentally tested by means 
of the setup in Fig. 30. Figure 51 shows the field winding responses 
recorded at the winding terminals for four different voltage edges ap-
plied at the beginning of the feeding cable. 

Since the field winding has a critical frequency of ca. 96 kHz, the 
critical rise time corresponds to ca. 5.2 μs. In Fig. 51, the progressive 
increase of the rise time from the supercritical value, in Fig. 51a, to the 
subcritical one, in Fig. 51d, significantly reduces the amplitude of the 
voltage overshoots. In particular, for the subcritical voltage edge in Fig. 
51d, the ringing disappears completely. According to Fig. 50b, the max-
imal relative overvoltage can reach twice the steady state voltage of the 
step signal, when the rise time is zero. In Fig. 51, the input voltage to 
the feeder does not remains constant but resents of the inductive nature 
of the electrolytic capacitor connected to the DC-link in the setup in 
Fig. 30. For this reason, some voltage overshoots can be observed at the 
beginning of the feeder too, when the voltage edge is supercritical. Nev-
ertheless, the ratio between the overvoltage at the termination of the 
feeder and the correspondent overvoltage at the beginning of the feeder 
(transmission coefficient) does not exceed two. This fact highlights that, 
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if the DC-link voltage is not properly stabilized by a large low inductive 
capacitor, the overvoltage triggered by supercritical voltage edges at 
the end of the feeding cable could exceed twice the steady-state voltage. 

 

 
FIGURE 51 – The field winding voltage response at the winding terminals and a the 
beginning of the feeder for different rise times of the voltage edges: a) 0.29 µs, b) 
0.35 µs, c) 1.50 µs, d) 5.38 µs (from Paper IV). 
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5. Main outcomes of this work 

5.1. Relevant parameters for modeling the field 
winding and the feeder 

The model for the field winding proposed in Paper III and that for the 
feeding cable used in Paper IV have proved to be capable of reproduc-
ing the voltage to ground along the winding for subcritical and super-
critical frequencies (Fig. 43 and 44) and for subcritical and supercritical 
signal voltage edges (Fig. 45, Fig. 47 and Fig. 48). Therefore, the pre-
sent paragraph recalls and summarizes all the evidences gathered about 
the model parameters through the experimental work. 

5.1.1. The field winding parameters 
The specific parallel resistance, rp, (Fig. 38) and the specific inductance, 
l, (Fig. 41) of the field winding depend strongly on the frequency. A 
STLM, which must reproduce the behavior of the winding over a wide 
range of frequency, cannot assume the two parameters as constant. Un-
fortunately, the experimental determination of the frequency laws for 
both parameters shows correlations with the frequency which differ 
from the theoretical ones (Paper II vs Paper III). For this reason, it is 
not possible to presume the frequency laws for those two parameters a 
priori. Two possible reasons could explain this discrepancy: 

a) more complicated EM second order effects get caught and sum-
marized by the parameters of the model, well beyond the goal 
they were meant for; 

b) the modeling of the field winding is too simple and additional 
parameters should be introduced for accounting those differ-
ences.  

Nevertheless, the model gives good results and has the advantage to be 
very simple. 
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During the modeling of the field winding, the specific parallel re-
sistance (fig. 10b) has been preferred to the specific series resistance of 
the winding (Fig. 10a), for reproducing the losses related to the eddy 
currents. The parallel resistance has the advantage to be independent 
from the armature reaction and from the mechanical irregularity of the 
airgap. This feature of rp, which has been foreseen in Paper II, is con-
firmed by the experimental work of Paper III (Fig. 38). In fact, the fre-
quency law of the field winding parallel resistance does not change es-
sentially if the rotor is inserted into the machine bore or not. This evi-
dence has been tested on a solid salient pole SM starting from the fre-
quency of 7 Hz, where the eddy current reaction in the rotor begins 
already at very low frequency. It is possible to expect that, in the case 
of a laminated magnetic circuit of the rotor, this kind of insensitivity to 
the armature presence would start from the frequency where the iron is 
not fully penetrated anymore. Just for reference, an almost saturated 
(μr=10) iron lamination, 0.35 mm thick becomes partially penetrated 
(95%) starting from circa 3.2 kHz. 

With reference to the specific inductance, l, it has been observed that 
the presence of the armature around the rotor influences its frequency 
law. In particular the decay of the inductance versus the frequency is 
steeper when the rotor lies in the machine bore rather than outside it. 
Therefore, in order to determine the frequency law of l, it is necessary 
to perform the measurements described in paragraph 3.2.3 with the ro-
tor inserted in the stator bore. 

A specific test has checked if the angular rotor position can possibly 
affect the value of the specific field winding inductance. The results, 
shown in Fig. 42, do not reveal this kind of effect. However, it must be 
observed that the test machine in Fig. 33 has a one tooth-pitch skewed 
stator slotting and that, again, it presents solid salient poles. The first 
characteristic neutralizes the inhomogeneity of the airgap due to the sta-
tor slots, whereas the second one makes the machine airgap virtually 
larger due to the demagnetizing effect of the eddy currents. This last 
aspect reduces drastically the effect of eventual rotor eccentricity or sta-
tor ovality on the value of the specific field winding inductance. 

The specific parasitic capacitances of the field winding, cp and cs, 
have been assumed as constants in the model, starting from the evi-
dences of the constancy of cp versus the frequency. The determination 
of both parameters requires two experimental steps. The first one deter-
mines the winding capacitance, Cp, by means of the voltage divider in 
the setup in Fig. 26. The second step measures the relative voltage gra-
dient of the winding at high frequency, where the nature of the winding 
is definitively capacitive. 
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5.1.2. The feeder parameters 
The STLM of the bipolar cable is a well-known state of the art and it 
presents four specific parameters only: the AC wire resistance, rf, the 
inductance, lf, the capacitance, cf, and the conductance of the insulation, 
gf. In this model, there is not a prevalent source of losses, as it has been 
the case for the field winding model (eddy current losses). Therefore, 
both dissipative parameters, rf and gf, must be taken into account. The 
wire AC-resistance resents of both skin and proximity effect, so that the 
cable resistance at 100 kHz can assume a value which is several times 
the DC one. The adoption of a cable with stranded wires reduces this 
kind of effects. In Paper IV, it is shown how to calculate the frequency 
law for the specific resistance, rf, in the case of a bipolar cable with 
stranded wires.  

For determining the specific cable conductance, gf, there are not cal-
culation approaches available. Therefore, the value of gf must be either 
found in the cable specifications or it must be measured. The cable spec-
ifications are usually stated for one single frequency, which makes the 
information useless for finding out a frequency law for gf. Nevertheless, 
the effect of the dielectric losses becomes relevant at high frequency so 
that gf can be related to the specific cable reactance by means of the 
dielectric loss angle of its insulating material. 

The specific capacitance, cf, is normally stated in the cable specifi-
cation. This parameter can be calculated using the cable geometry and 
the dielectric permittivity of the insulation. In Paper IV, the specific 
capacitance for a bipolar cable is calculated and measured respectively. 
The obtained results confirm the validity of the analytical approach. 

The specific cable inductance, lf, is in general a frequency depend-
ent parameter. The part of the inductance depending on the frequency 
is the internal inductance of the wire essentially, whereas the external 
contribution to the inductance remains constant. The determination of 
a frequency law for the feeder inductance is advisable, when it is made 
of conductive bars of solid wires. When the wire is finely stranded the 
skin effect and proximity effect become first sensible at very high fre-
quency. For that reason, the specific cable inductance can be considered 
constant. Once the specific inductance and the specific capacitance of 
the cable are assumed as constant, it is possible to estimate the fre-
quency of the ringing triggered by fast voltage edges on the field wind-
ing. In fact, it depends on the winding length and on the relative per-
mittivity of the cable insulation essentially. The estimation of this fre-
quency is very important, since it permits to assess if the complex 
formed by the feeder and the winding model are going to work in a 
supercritical mode. Moreover, the knowledge of the ringing frequency 
enables estimates about the parameters, rf  and gf, in advance.  
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5.2. Measures for reducing the electric stress 
The estimates of the maximal voltage gradient in the winding repre-
sented in Table 3 show that the fast switching could be problematic for 
large and slow solid salient pole WFSM, where the current control is 
performed by “chopping” a relatively high DC-link voltage. This tech-
nique is advantageous on the one side because it does not require a step 
down transformer in the VSC or additional PE for reducing the DC-link 
voltage. Furthermore, it keeps a relatively high voltage source ready for 
producing high ceiling voltages or boosting the current dynamic. How-
ever, on the other side, it exposes the winding permanently to the high-
est voltage excursion during the switching. Therefore, in light of the 
results obtained through this research, this paragraph presents the 
measures which can reduce the electric stress in the field winding dur-
ing highly dynamic current control.  

5.2.1. The field winding design  
Equation (66) shows that the electric field between the initial turns of 
the winding is proportional to the square root of the ratio between the 
capacitance of the winding towards the rotor frame, Cp, and the series 
capacitance of the winding, Cs. In terms of relative voltage gradient 
(36), the winding arrangement in Figure 52a, which presents less ca-
pacitance towards the iron frame (thicker insulation) and higher turn to 
turn capacitance (smaller distance between the turns), is less critical 
than the one if Fig. 52b.  

 

 
FIGURE 52 – Different field winding arrangements: a) low Cp and high Cs; b) high 
Cp and low Cs. 
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However, since the thickness of the non-functional insulation towards 
the rotor frame has a limit due to mechanical reasons, the capacitance 
Cp can be considered constant in (66). This implies that the maximal 
electric field established between the first turns of the winding during a 
fast voltage edge gets reduced by increasing the turn-to-turn distance, 
d. Nevertheless, under the condition of constant Cp, the same electric 
field decreases very slowly when the turn-to-turn distance increases, as 
the following simple derivation from (65) shows ≈ √ . (73) 

A possible solution for mitigating the high voltage gradient affecting 
the initial turns of the winding, without changing the underlying design 
of the insulation, is that suggested by the design of high voltage trans-
formers [39]. Figure 53 shows some metallic electrostatic shields laid 
down on the lateral insulation of the first three-to-four turns of the pole 
winding. If these shields are kept insulated from the rotor frame, they 
increase the specific turn-to-turn capacitance, ∝ Cs, in the first portion 
of the winding, without contributing to the capacitance Cp. 

 
FIGURE 53 – Electrostatic shields for reducing the voltage gradient on the first 
turns of the winding during rapid variations of the supplying voltage. 

The field winding with a multilayer structure is frequently used in small 
size synchronous machines. Moreover, due to the relatively high num-
ber of turns that it uses, it is not suitable for high dynamic field current 
control applications. Nevertheless, it can be recognized from Figure 54 
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that the parasitic capacitances existing between the layers, while reduc-
ing the capacitance towards the rotor frame of the more external layers, 
increase the turn-to-turn capacitance.  

 
FIGURE 54 – The contribution of the inter-layer electrostatic induction to the turn-
to-turn capacitance. 

Therefore, where this field winding arrangement can be used, it takes 
advantage from the naturally favorable Cp/Cs ratio.  

5.2.2. The reduction of the voltage slew rate 
In Fig. 50, an explanation for the generation of the voltage overshoots 
at the termination of a supplying cable has been given, which is alter-
native to the mismatch of the feeder an winding impedances. That ex-
planations points to the extension of the rise time of the voltage edge as 
one measure for reducing the amplitude of the voltage overshoots at the 
field winding terminals. Figure 55 (Paper IV) shows the relative ampli-
tude of the overshoot to the DC-link voltage for different relative values 
χ of the rise time to the critical one. 

The longer the rise time the smaller the overshoot amplitude, till to 
the point that, for a rise time which equals or exceeds half the critical 
period of the winding, the overshoots disappear completely. 

Slowing down the commutation process of the switches by control-
ling the gate voltage can be an option when the commutation frequency 
is very low and the timely crossing of commutation current and com-
mutation voltage does not generate too large switching losses. Alterna-
tively, the commutation current can be reduced by using snubber- cir-
cuits, so that the switching losses are partially shifted from the switch 
itself to the relative snubber. However, due to the fact that the capacitors 
are always critical components in a circuit (due to the potential break-  
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down), this kind of application is not advisable for generation systems 
where the reliability is a key requirement.  

 
FIGURE 55 – Intensity χ and relative position ξ of the voltage overshoot. 

A generic schematic for a PE supplied split rotor field winding is shown 
in Figure 56. The schematic considers the split rotor winding since it is 
more flexible in terms of potential applications than a traditional one. 
Moreover, it requires a more complex PE, due to its polyphase struc-
ture. In this sense, Fig. 56 resembles a generic drives topology for an 
AC-machine. According to this, low pass filters or impedance-adapting 
boxes can be used close to the PE or close to the field winding respec-
tively, in order to reduce or preventing voltage overshoots [40]. 

 
FIGURE 56 – Where to insert the low-pass filter and the impedance-adapter in the 
supply cascade of a split-rotor field winding. 

The impedance adapter is a very simple device. It must contain an RC 
filter which presents the admittance 1/Ro,f beyond the winding critical 
frequency, otherwise as low as possible. However, a capacitor placed 
in that position represents an additional failure risk for the system.  
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For that reason, practical solutions must consider inductive low-pass 
filters without capacitors to be placed close to the PE. An inductive low 
pass filter presents a transformer-like structure and it is also known as 
dV/dt-filter. In Figure 57 an alternative picture of the schematic in Fig. 
56 is given, where, the filter, the feeder and the field winding are repre-
sented in more detail. For simplicity, the given example is based on the 
entire field winding of the test machine (Paper III and Paper IV). Figure 
57 presents three different situations, which help to understand how to 
determine the needed inductance of the filter, LF, in order to limit the 
relative amplitude of the overshoot under 10 % of the DC-link voltage. 

 
FIGURE 57 – Three test conditions for the design of the low-pass filter: a) supercriti-
cal field winding model, b) complete winding model, c) complete winding model with 
filter. 

In all three situations in Fig. 57 the attention focuses on the modulus of 
the transfer function F(jω) given by the ratio of a hypothetical harmonic 
voltage at the field winding terminals and the relative harmonic voltage 
at the exit of the PE. In the first schematic, corresponding to the Fig. 
57a, the field winding is assumed to be permanently equal to its super-
critical model, where the inductive reactance is so high to represent an 
open circuit. The correspondent transfer function for this case is repre-
sented in Figure 58 with the description “without filter, very high in-
ductance”. It can be observed that from 0 Hz up to 200 kHz, the modu-
lus of the transfer function is almost equal to one. The first resonance is 
set at 1.44 MHz (Paper IV) and the second at 5.2 MHz by the cable. 
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When the real field winding inductance is included into the model, as 
represented in Fig. 57b, the transfer function does not change. The cor-
respondent plot in the figure is the one addressed by “without filter, 
actual inductance”. This first comparison between the two first sche-
matics in Fig. 57 points to the fact that for designing the filter it is pos-
sible to consider the supercritical capacitance of the field winding 
only, which corresponds to the geometric mean between Cp and Cs.  

Considering the worst case scenario, where the voltage edge to treat 
is the one corresponding to the step function, the residual voltage in Fig. 
50b has the amplitude of the DC-link voltage. Since the harmonics 
which compose the voltage residual are all supercritical, if an attenua-
tion of 10% at least is granted starting from 95.8 kHz (critical frequency 
of the winding), the resulting overshoot must be necessarily smaller 
than the 10% of the original one. Since the filter is a second order filter, 
it attenuates according to -40 dB/dec. For this reason, the cut-off fre-
quency, f0, of the filter must be (10)0.5 ≅ π times smaller than the critical 
frequency, which corresponds to 30.3 kHz. The inductance of the filter 
is in general larger than the cable inductance but smaller than the field 
winding inductance. With reference to Fig. 57a, the inductance of the 
filter sees the sum of the cable capacitance and field winding capaci-
tance. From the relationship = ( ) , (74) 

the inductance of the filter is finally determined. 
In Fig. 58, the plots addressed by “with filter” in the legend refer to 

the transfer functions which include the filter. Both plots provide the 
required attenuation at the critical frequency of the winding. The filter 
with quality factor QF=3 presents a higher emphasis than the one with 
QF=1 close to the cut-off frequency.  

 
FIGURE 58 – Comparison between different voltage transfer functions. 
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The dV/dt-filters present in general high quality materials and design in 
order to minimize the losses and to prevent the overheating. For this 
reason they are more likely to have higher quality factors than the field 
winding. Therefore, the maximal attention must be paid for the potential 
amplification of some specific overtones of the switching frequency, 
when the quality factor of the filter at the cut-off frequency exceeds the 
value of 3. 

The presented example highlights the importance of the data related 
to the field winding for performing the design of the filter. In particular 
the critical frequency and the supercritical capacitance, , of the wind-
ing are needed, for the determination of which the present work has 
suggested some experimental procedures.  

From Fig. 58 clearly emerges how a low critical frequency of the 
winding penalizes the available frequency band for the voltage control, 
since it shifts down the cut-off frequency of the filter. On the other side, 
a voltage slew rate which is larger than the critical one, which makes 
the voltage edge steeper than the critical one, requires a stronger atten-
uation of the filter at the critical frequency. This fact requires as well to 
set the cut-off frequency of the filter lower and lower. Therefore, it 
seems that a compromise between the winding properties (low Cs in 
order to have high critical frequency but not so low to produce too high 
relative voltage gradients) and the slew-rate of the PE (as close as pos-
sible to the critical slew rate) is the best way to achieve a highly dy-
namic control of the field current, without producing harmful electric 
stress for the winding.  
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6. Conclusions 

The aims of this licentiate thesis have been three: first of all to evaluate if the 
application of fast switching PE-devices to the field current control in salient 
pole WFSM is consistent with the risk of producing overvoltages and harmful 
voltage gradients in the rotor winding. Secondly, to identify the parameters 
which have an influence on these kind of phenomena. Third, to suggest some 
guidelines for designing both PE and field winding, so to mitigate or prevent 
the electric stress in the rotor insulation, which is related to rapid rising voltage 
edges. Whereas Paper I, Paper II and Paper III have mainly prepared the model 
for handling the topic, Paper IV has finally addressed the first and the second 
of the stated aims. High slew rate voltage fronts can definitely produce over-
voltages and important voltage gradients in the field winding of salient pole 
WFSM. Where the current control is performed on each single pole winding 
or on separate groups of pole windings (split rotor concept), special attention 
must be paid to the choice of the DC-link voltage level, especially in large and 
slow SM. On the one side, the voltage level should be as high as possible, in 
order to provide the needed current dynamic; on the other side, this cannot be 
as high as to pose the risk of PD in the winding insulation. This risk is made 
more concrete by the repetitive nature of the voltage stress and by the increas-
ingly performing switches made available by the state of the art of the PE. 

In considering and organizing the outcomes of all the Papers from a final 
point of view, the thesis only could properly address the third and conclusive 
aim. Paragraph 5.2 shows how some design feautures of the field winding can 
help to mitigate the voltage gradients at the field winding during a rapid volt-
age edge. The same paragraph illustrate the design of an inductive dV/dt- filter 
starting from two simple data related to the field winding: the winding critical 
frequency and the supercritical winding capacitance. 

Besides, the experimental work has contributed many interesting evidences 
about the AC-behavior of the field winding. First of all, that the field winding 
of solid salient pole WFSM appears “electrically shorter” when the rotor is 
inserted in the stator bore. This fact suggests to perform repetitive high voltage 
tests on the field winding of a solid salient pole SM, when the rotor is outside 
the machine bore. It turns out to be the harshest test condition. Moreover, in 
solid salient pole SM, the AC-resistance of the field winding does not account 
for eventual eddy currents induced in the stator iron, starting from hundreds 
of hertz already. Furthermore, the experimental tests have highlighted a strong 
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negative correlation between the AC field winding inductance and the fre-
quency, because of the eddy currents. This evidence points to the need of lam-
inating the magnetic circuit of the rotor, in all those applications of the WFSM, 
where a rapid adjustment of the main flux is required. Another important evi-
dence shows that, in a solid salient pole WFSM, the inhomogeneity of the 
airgap reluctance, due to the stator slotting and/or to the rotor/stator eccen-
tricity and/or ovality, are hardly sensed through the variation of the field wind-
ing inductance. Finally, the experimental work has shown that the simplistic 
theoretical separation between subcritical and supercritical frequencies has a 
concrete counterpart in the voltage transient phenomena interesting the field 
winding. In the case of a static ES, where the field winding is supplied by a 
PE located in a cabinet by means of a more or less long cable, the critical 
separation of the frequencies helps greatly in conceiving and designing solu-
tions for the “voltage ringing” issue. This kind of approach seems to be a more 
straightforward approach to that problem than the classic “matching” between 
the load and the cable characteristic impedance. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 



 79

7. Future work 

This work could be improved by repeating the same set of tests applied to a 
salient pole WFSM in a round rotor WFSM too. Remaining focused on salient 
pole SM, a deeper and better look at the internal structure of the multilayer 
winding could disclose interesting aspects related to the inhomogeneity of the 
winding properties. Moreover, overvoltages and voltage gradients in the wind-
ing has been studied so far with the only reference to a differential mode ex-
citation voltage produced by the PE. It cannot go unnoticed that one terminal 
of the winding has been permanently kept grounded in the majority of the 
experimental tests conducted. It would be interesting to study the field wind-
ing response in the case of a common mode excitation voltage, which plays 
an important role in the coordination of the rotor fault protections and in the 
undesired production of leakage currents through functional (bearings) and 
structural mechanical parts of the SM. Moreover, the limitation of the drawn 
conclusions to a solid salient pole WFSM should be definitively removed. 
This could be done by building a rotor prototype with a laminated magnetic 
circuit, in order to check: a) the order of the improvement of the quality factor 
of the winding inductance, especially at high subcritical frequencies; b) the 
relative importance of both insulation- and Joule losses of the winding with 
respect to the eddy current losses; c) the effects of the rotor magnetic circuit 
lamination on the correlation between the magnetizing inductance of the field 
winding and the frequency. 

The construction of a laminated rotor is already ongoing, in order to achieve 
a faster flux control in the studied test synchronous machine. In this case, the 
two targeted applications are directly related to the AC-current injection in the 
field winding and make use of MOSFET based fast switching PE. The first 
application concerns the start of the SM as a doubly fed asynchronous ma-
chine, with the aim to obtain a non-pulsating starting torque. The second ap-
plication aims to provide the active damping of the rotor oscillations by sur-
rogating the function of the damper bars. Finally, once the rapid control of the 
flux in the machine has been made possible by the special rotor design and by 
the PE, many other specific tests on the SM can be envisaged, such as stability 
tests, fault or low-voltage ride-through tests, short circuits tests. 
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8. Summary of papers 

This chapter summarizes the content of the four paper on which this thesis is 
based upon and describes the author contribution to each paper. 
 
Paper I 
Experimentally validated model of a fast switched salient pole rotor 
winding 
In this paper the demagnetizing effect of the eddy currents in the rotor and 
stator iron is related to the change of the field winding inductance of a solid 
salient pole synchronous machine. A Single Transmission Line Model for the 
field winding of the same machine is proposed for the first time. Two experi-
mental methods are presented for determining the field winding inductance 
(here considered constant) and the parasitic capacitances. 

The author built the model, designed and performed the experimental work, 
curried out the simulation, validated the data and wrote the paper. 

Presented by the author at the 4th IEEE Workshop on Electrical Machines 
Design, Control and Diagnosis, Athens, Greece, WEMDCD 2019. 
 
Paper II 
The influence of eddy currents on the excitation winding impedance of 
solid and laminated salient pole synchronous machines 
This paper provides a rational explanation of the parameters which influence 
the AC-inductance and resistance of the field winding. It proves that the elec-
trical model of the field winding with a parallel resistance is the most suitable, 
among the simplest models, in order to account for the eddy current losses.  

The author built the model, performed the experimental work, curried out 
the simulation, validated the data and wrote the paper. 

Published in Electr Eng, 102, (2553–2566), 2020. 
 
Paper III 
An experimentally determined field winding model with frequency de-
pendent parameters 
This paper presents the experimental setups for determining the STLM param-
eters, which reproduce the field winding behavior during the simulations. The 
experimental work offers an insight into the dependence of the parameters on 
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the frequency. The results obtained for the winding voltage distribution simu-
lation at different frequencies match with the measured ones and point to the 
preferable use of the STLM in the frequency domain. 

The author built the model, designed and performed the experimental work, 
curried out the simulation validated the data and wrote the paper. 

Accepted for publication in IET Electric Power Applications, 2021. 
 
Paper IV 
Simulation of rapid edge related voltage surges in highly inductive wind-
ings with frequency dependent parameters 
This paper proves the suitability of the model prepared in Paper III for per-
forming the simulation of voltage surges in the field winding, which are pro-
duced by rapid voltage fronts. The excitation of the winding by fast voltage 
edges is completely handled in the frequency domain. The voltage responses 
are finally F-inverse-transformed, back to the time domain. The paper shows 
the importance of knowing the critical frequency of the field winding in order 
to avoid the ringing at its terminal, when the excitation winding is supplied by 
means of a long cable or busbars. 

The author performed the experimental work, curried out the simulation, 
validated the data and wrote the paper. 

Manuscript ready to be submitted to a journal during 2021. 
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9. Svensk sammanfattning  

Synkrona generatorer tillgodoser mer än 95% av elbehovet över hela världen. 
Deras användning i elproduktion beror på att det är lätt att reglera spänningen, 
genom att helt enkelt justera likströmintensiteten i deras rotorlindning. Ändå 
avslöjar den snabba utvecklingen av kraftelektronik nya möjligheter för väx-
elströmstillägg i en mer än ett sekel lång DC-dominerad teknik. Dämpning av 
rotorsvängningar med mindre energiförlust än tidigare, minskning av lagersli-
tage genom att aktivt kompensera den mekaniska obalansen hos de roterande 
delarna, uppstart av en synkronmotor utan behov av ytterligare medel, detta 
är bara några av de nya applikationerna vilka antyder partiell eller total växel-
strömstillförsel till rotorlindningen. Denna avhandling undersöker vad som 
händer i en lindning som traditionellt utformats för likströmstillförsel när den 
drivs med växelström från en växelriktare. Forskningen fokuserar på synkron-
maskiner och undersöker förändringarna i fältlindningsparametrarna under 
växelströmsförhållanden. Särskild uppmärksamhet ägnas åt de potentiellt 
skadliga spänningsövervågor och spänningsgradienterna som utlöses av höga 
derivata på spänningen. Genom studien har en bredbandsförenklad elektro-
magnetisk modell av fältlindningen tagits fram och validerats experimentellt. 
Inom den specifika tillämpningen av den snabba fältströmstyrningen ger 
forskningen några referenser för utformningen av rotormagnetkretsen och för 
fältlindningen. Slutligen ägnas vissa överväganden åt samordningen mellan 
kraftelektroniken och lindningen. 
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Appendices 

A.1 Travelling waves equations 
With reference to the circuit in Fig.16, the gradient of the line current 
is equal to the current drained by the specific capacitance of the winding 
towards ground according to ( ) = −   (A.1.1) 

The displacement current flowing between adjacent turns depends on 
the derivative of the winding voltage gradient by means of the turn to 
turn specific elastance, k, according to = − = −   (A.1.2) 

The winding voltage gradient descends from the Faraday’s law = −   (A.1.3) 

By substituting (A.1.2) in (A.1.1) and differentiating (A.1.1) with re-
spect to t whereas (A.1.3) with respect to x, the following two equations 
are obtained − = −  (A.1.4) 
and = −   (A.1.5) 

Gaining the double mixed derivative of the conduction current from 
(A.1.4) and substituting it in the second member of (A.1.5), irrespec-
tively of the differentiation order, it gives − + = 0  (A.1.6) 

With analogous procedure it is possible to obtain − + = 0  (A.1.7) 

Equations (A.1.6) and (A.1.7) are linear differential equations of the 
forth degree, homogenous, with constant coefficients, representing the 
travelling and standing waves established into the winding, for the volt-
age to ground and the conduction current respectively.  
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A.2 The propagation speed 
With reference to the voltage to ground waves equation (A.1.6), the ex-
pression of a sinusoidal progressive travelling wave in the complex 
space is  ̅ ( , ) = , (A.2.1) 
which is related to the real function  ( , ) = ( − ). (A.2.2) 
By substituting (A.2.1) in (A.1.6) the following cardinal equation is ob-
tained − + + = 0, (A.2.3) 
which puts the wave angular frequency  and the wave number  in 
relationship through the winding parameters = . (A.2.4) 

The propagation speed can be determined by the ratio between angular 
frequency (A.2.4) and wave number  = = =  , (A.2.5) 

where = √  (A.2.6) 
represents the propagation speed of a transverse electromagnetic wave 
along a lossless line, having specific inductance, l, and capacitance, c.  
Considering the case of a voltage standing wave in a field winding hav-
ing length a, which is earthed at its ending terminal, the wave number 
for the m-th resonance mode is = → = . (A.2.7) 
For the case of a field winding with the ending terminal floating instead, 
the wave number for the m-th resonance becomes  = (2 + 1) → = ( ) . (A.2.8) 

Substituting (A.2.7) and (A.2.8) in (A.2.5), the natural frequencies of 
the field winding for the earthed and open-circuited winding ending re-
spectively can be obtained: ′ = +  (A.2.9) 

and ′′ = + . (A.2.10) 

In both (A.2.9) and (A.2.10), it can be recognized that the state of the 
winding ending terminal does not affect the critical frequency 
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= = = . (A.2.11) 

From (A.2.5), considering (A.2.7) together with (A.2.9), (A.2.8) and 
(A.2.10), it is possible to obtain the refractive indices of the winding for 
the two ending states respectively = = 1 +  (A.2.12) 

and = = 1 + + . (A.2.13) 

In both cases the refractive index diverges when the order of the mode 
increases. This proves that the propagation speed in the field winding 
tends to zero when the frequency approximates, for smaller values, the 
critical one (A.2.11).  

A.3 Poles of the voltage transfer function 
With reference to the TF defined by equation (26), since = 0 (A.3.1) 
does not admit finite solutions, the numerator and denominator of (26) 
must be independently accountable for the zeros and the poles of the TF 
respectively. Therefore, for determining the poles of the TF the follow-
ing condition is set ℎ ( ) = 0, (A.3.2) 
which admits the solutions ( ) = ∓  → ( ) = −  (m=1,2,3...). (A.3.3) 
With reference to the model in Fig. 15 and neglecting the wire specific 
resistance in comparison to the winding specific reactance, the squared 
value of the propagation constant becomes ( ) = ( ) ( ) = ( + )  (A.3.4) 

By substituting (A.3.4) in the second equation of (A.3.3), the follow-
ing equation in s is obtained + + + + 1 = 0, (A.3.5) 

where  and l depends on the frequency. 
In the last equation, the coefficient of  is the reciprocate of the square 
value of the generic natural frequency (A.2.9). Moreover, setting the m-
th damping coefficient of the winding as 

 = + , (A.3.6) 
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equation (A.3.5) can be rewritten as + 2 + 1 = 0.  (A.3.7) 

The solutions of (A.3.7) are the poles of the TF (26) and can be ex-
pressed as = ± , = − ± ,  (A.3.8) 
where  

, = 1 −   (A.3.9) 

represents the m-th resonance frequency of the winding. 
Since the resonance is possible if and only if 0 ≤  < 1, from (A.3.9) 
descends that the resonance frequency can never be larger than the cor-
responding natural frequency. 

A.4 The winding voltage gradients 
With reference to Fig.18 and to (26), the gradient of the specific voltage 
at the beginning of the line is = −‖ ℎ( )‖. (A.4.1) 

For very high frequency the propagation constant is determined by the 
parasitic capacitances of the winding essentially, so that = √ = . (A.4.2) 

Since the practical values of the ratio between  and C  range between 
25 and 100 [39] the  ℎ( ) = ℎ(5 ÷ 10) ≅ 1 (A.4.3) 
so that ≅ − . (A.4.4) 

A.5 The natural frequencies and the inductance law 
The generic natural frequency, , can be found from (A.2.9)  = + . (A.5.1) 

Considering that = , =  and = , (A.5.2) 

(A.5.1) becomes 
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= + . (A.5.3) 

Taking into account the 1-st and the m-th natural frequencies of the 
winding,  and , with m>1, these must both satisfy (A.5.1), so that 

1 = 1 +
= + . (A.5.4) 

Raising the equations in (A.5.4) to the square and solving for  and , 
the following expressions are achieved = 1 1 −  (A.5.5) 

and = ( ) − 1 1 . (A.5.6) 

For m=2, (A.5.5) and (A.5.6) become = 1 1 − 2 2  (A.5.7) 

and = 2 2 − 1 1 . (A.5.8) 

 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

 
 
 




	Abstract
	List of Papers
	Contents
	Abbreviations and nomenclature
	1. Introduction
	1.1. Background
	1.2. Challenges and research questions
	1.3. Thesis outline

	2. Theoretical background
	2.1. Eddy currents effect on the winding resistance and inductance
	2.2. The distributed parameters model of the winding and the travelling waves
	2.3. The distributed parameters model in the frequency domain
	2.4. The importance of the modal dispersion
	2.5. A frequency dependent winding model

	3. Methods
	3.1. The analysis of the winding transfer function
	3.2. The experimental determination of the parameters
	3.3. The simulation in the time-domain

	4. Results and Discussion
	4.1. The parameters of the winding
	4.2. The frequency response of the winding
	4.3. The time domain simulation

	5. Main outcomes of this work
	5.1. Relevant parameters for modeling the field winding and the feeder
	5.2. Measures for reducing the electric stress

	6. Conclusions
	7. Future work
	8. Summary of papers
	9. Svensk sammanfattning
	10. Acknowledgments
	References
	Appendices
	A.1 Travelling waves equations
	A.2 The propagation speed
	A.3 Poles of the voltage transfer function
	A.4 The winding voltage gradients
	A.5 The natural frequencies and the inductance law




